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ABSTRACT

The behavior of the solidifying shell in the early stages of solidification has an important
influence on the final quality of continuously-cast steel slabs. In order to understand the thermal
and mechanical behavior of the shell, a two-dimensional transient stepwise-coupled finite-
element model has been developed. The model simulates a transverse section of the slab as it
moves down through the mold and below and incorporates the effects of heat conduction,
solidification, shrinkage, non-uniform superheat dissipation due to turbulent fluid flow, thermal
distortion of the mold and the visco-plastic mechanical behavior of the steel. Coupling between
the thermal and the mechanical portions of the model are based on the mutual dependence of heat
transfer across the interface between the shell and the mold and the size of the gap. The effects
of mold distortion and taper on the gap size are also included. The effect of fluid flow has been
incorporated via a heat flux imposed at the solid-liquid interface, which is obtained from a
separate fluid flow model. The high temperature creep and plasticity of the steel is incorporated
through a unified constitutive law defining the inelastic strain rates as a function of temperature,
composition, accumulated plastic strain and the stress state. The model has been successfully
verified with analytical solutions and measurements of temperature and shell thickness on an
operating caster. Non-uniform dissipation of superheat caused by asymmetrical fluid flow has
been found to have a critical influence on shell growth in the mold, in places where the
interfacial gap size is significant. Model results suggest that a simple linear taper necessary to
compensate for the slab shrinkage is not sufficient for low carbon steels because of the non-linear
shrinkage associated with the 8-y phase transformation. Model simulations extending below the
mold suggest that bulging of the shell between rollers is responsible for the formation of off-
corner depressions when the off-corner region of the shell leaving the mold is relatively thinner
than other places. The model developed in this work is an effective tool and can be judiciously

used to understand the formation mechanisms of various defects in continuous slab casting.
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CHAPTER 1
INTRODUCTION

The continuous casting process has been in operation for about three decades. The
products made by this process currently account for approximately 65% of the total global steel
production (Figure 1.1) BRI many of the industrialized nations, over 95% of the steel
production is by the continuous casting process. In the U.S., roughly 70% of the 80 million
metric tons of steel produced annually is manufactured by the continuous casting process and is

expected to grow to 95% by the year 1995,
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Figure 1.1: Trend in production of continuously cast steel among industrialized nations.

Although very efficient, the continuous casting process is affected by several problems,

which include surface-shape distortion, surface and sub-surface cracks, and the ultimate defect, the



“breakout”! . Surface quality of the slab is highly dependent on casting practice and process
parameters, as is the internal quality of the cast product. These problems and associated defects
frequently result in tons of scrapped product annually, which is quite costly for the steel producing
companies, and ultimately the consumer. In order to find the possible sources of these defects one
has to fully understand and appreciate the complicated nature of the process and the various
phenomena that control the behavior of the steel. A brief overview of the continuous casting

process is provided in the following section.
1.1  PROCESS OVERVIEW

The schematic representation of a continuous casting machine is shown in Figure 1.2. The
refined steel produced in the basic oxygen furnace is introduced into the refractory lined ladle and
transferred to the caster from the melting shop. During the continuous casting process, the
superheated liquid metal is poured from the ladle into a tundish. The molten steel then flows from
the tundish under gravity, through the submerged entry nozzle and into the casting mold which is
often curved. The liquid steel is prevented from flowing out the bottom of the mold at startup by
inserting a plug, known as a dummy bar, which is withdrawn as the steel solidifies. The steel
freezes against the water-cooled copper mold forming a thin solidified shell. This shell acts as a
container for the remaining liquid metal, and it grows as it travels down the mold. As the solid
shell is pulled down the mold it solidifies further and thickens to attain enough strength to support
the liquid core at mold exit, otherwise liquid metal will break through the shell, which is commonly
referred to as breakout. Mold powder spread over the liquid steel in the mold for thermal
insulation, and also acts as a lubricant for the shell-mold contact. As the mold oscillates, liquid
flux is pulled into the gap between the shell and mold, forming a thin lubricating film. This film

prevents the shell from sticking to the mold wall, and thereby allows the slab to be withdrawn

1 A "breakout" occurs when liquid steel flows through a punctured hole in the shell (which is caused due to localized
effects such as hot spots or sticking) and falls all over the machine causing a complete shutdown. Each breakout
costs about $200,000 - $500,000 for the steel companies in terms of machine cleanout and production loss.
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without shell tearing. The oscillation is responsible for transverse ripples, called "oscillation

marks" on the surface of the slab.

Upon exiting the mold, the slab enters the spray zone where it is further cooled by water
jets and passes through a series of guide rollers in an arc (to reduce the height of the machine) as
shown in Figure 1.2, until, upon unbending, it travels horizontally. The slab length from
meniscus to the position where the liquid core vanishes is termed the "metallurgical length" which
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Figure 1.2: Schematic Overview of the Continuous Casting Process.

varies from 20 to 30 meters depending on the slab thickness and processing conditions. The

completely solidified product is torch-cut into final slabs of desired length.



Perhaps the most critical aspects of the process occur in the relatively short region of the
actual mold. Inside the mold (Figure 1.3) as the shell solidifies, it shrinks away from the mold
wall possibly creating a gap, the size of which controls the heat transfer. As shown in Figure 1.3,
the shell grows under the complicated action of turbulent fluid flow from the nozzle (for typical
casting conditions the Reynolds Number at nozzle port is around 65,000), ferrostatic pressure,
solidification shrinkage, high temperature creep plasticity, thermal distortion of the mold and
intermittent contact between the rigid mold and the shell. In addition, the mold oscillates,
producing significant dynamic effects of its own. The strength of the shell under the complicated
action of these forces plays an important role in the formation of various defects. Interaction of

these phenomena produce a complex situation which is intrinsically worthy of study.

Submerged Nozzie
Copper End Plate \
Water-Cooled I\ e oold Powder
Copper Moid _ ‘ D005 B SA0B0OAEB050E u,

Maniscus Motlten ,

"Ar* Gap
and/ or Solldified [

£

Molten Sieel <
(beneath flux) <7

Flux i\ Shel Submerged |
Nozzie
Hi
Liquid
H Steel
Guide Rolls

Figure 1.3 Schematic representation of shell growth inside the slab casting mold.



1.2 THE PROBLEM

Figure 1.4 illustrates some of the defects that are believed to be related to the phenomena
just mentioned. Most of the surface defects are believed to have been either generated or initiated
in the mold while the internal cracks form below the mold. Surface cracks are oxidised by air and
therefore cannot weld during subsequent rolling unless removed by scarfing or grinding. These
cracks will lead to slivers in the rolled product. Internal cracks often get welded during subsequent
rolling unless they open up to the surface. Surface cracks observed in continuously cast steel slabs
include longitudinal as well as transverse cracks. Longitudinal cracks form at the mid-face and

Longitudinal corner and off-corner
cracks both on narrow and wideface

Transverse mid-face cracks

mid-face cracks Transverse corner
cracks

2-6 mm Longitudinal surface depressio7

in stainless steel slabs

»’Off—cofnéf ys'u'bsurface craéks
in plain C steel slabs

! roy :

Bulging of narrow face
Figure 1.4 Schematic of some defects associated with continuously cast slabs.

corners of both wideface and narrowface as well as in the off-corner regions. The sub-surface
cracks and corner cracks are mostly of mechanical (shell bulging, corner rotation etc.) or of thermal
(shell reheating) origin and are associated with excessive stress formation at the solidification front.

Stainless steel slabs often exhibit depressions or “gutters” just off the corner along the wideface of



the slab and are accompanied by bulging of the narrow face. The off-corner region of plain

carbon steel slabs often exhibits subsurface cracks as well.

Thermal and mechanical loads imposed on the shell by the continuous casting process are
believed to initiate these defects. The thermal loads arise from the temperature gradient over the
shell thickness and by discontinuities over the width and along the strand length (e.g. surface
reheating, mold flux discontinuities). Mechanical loads have several sources such as ferrostatic
pressure, withdrawal forces, friction with the mold, bending and straightening and by permanently
deformed or mis-aligned rollers. Mold taper is one of the controllable process variables that may
affect these problems. Prevention of these defects requires good machine design and careful

control of the processing variables.

During solidification, the shell dissipates the superheat contained in the liquid, solidifies,
cools and shrinks away from the mold due to thermal contraction. Over most of the wideface,
ferrostatic pressure maintains good contact between the shell and the mold. However, a gap may
form at the interface near the corners and narrow face, where the heat flow is greatly reduced. The
extent of the gap depends on the strength of the shell to withstand the ferrostatic pressure pushin g
it outward, the casting speed, the heat transfer characteristics of the interface between the mold and
shell, and the position of the mold wall, which is determined by the amount of mold taper and the
thermal distortion of the mold. Thus, a comprehensive model should incorporate the diverse
phenomena of fluid flow, and heat transfer in the liquid pool, heat conduction, shrinkage and
stress development within the solidifying steel shell, temperature and thermal distortion of the
mold. Of paramount importance is a realistic treatment of heat flow across the interface, which is

coupled with the shrinkage.

1.3 MOTIVATION

Many of the problems mentioned above are initiated in the mold by complex interactions

between thermal and mechanical stresses and microstructural phenomena. The causes of these and
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other problems are still not fully understood and are the subject of ongoing research. Mathematical
modeling, in combination with physical models, experiments and measurements on the operating
caster can aid in generating this understanding. The thermo-mechanical behavior of the solidifying
shell during the early stages of solidification plays an important role in the formation of some of
these defects, which inspired the development of the comprehensive model presented in this
research.

There are several important reasons and uses for the thermo-mechanical modeling of the
continuous casting process. Understanding the history of the slab shape and the stress is important
for the process development and improvement. Thermal stresses imposed on the shell by the
continuous casting process are believed to initiate the defects mentioned above. The thermal strain
which is induced in the shell by the cooling history, can be affected by the heat transfer in the mold
(which is affected by the distribution and properties of mold flux) or by the spray cooling below
the mold. Ferrostatic pressure which is important only in slabs and large blooms also affects the
stresses through contact forces in the mold and bulging below in between rolls. Mechanical forces
introduced during unbending or by roll mis-alignment also affects the stresses in the shell. Stress
models can also assist in the design of mold shape (taper) to match shrinkage and in production of
cracks (in conjunction of a fracture criteria) and residual distortion.

Thus the overall objective of this reseérch is to develop a comprehensive mathematical
model of coupled heat transfer and stress analysis and apply the model to understand the formation
of some of the defects mentioned above and to optimize the mold taper to match the shrinkage of
the shell to prevent taper related problems. In justification for the need of a comprehensive model,
the next chapter will discuss the previous mathematical models and some of the important
phenomena that have often been neglected. Then a detailed description of the model will be
provided. The verification of the model will be done using analytical solutions of well established
test problems as well as comparing model predictions with the experimental measurements in a slab
caster. Having described the model and verified it, the model will then be applied to simulate

breakout formation during an automatic width change operation, taper optimization, bulging below



the mold followed by a discussion on crack formation using the results of the model. Finally,
some useful conclusions based on the findings of the model simulations and a recommendation of

future enhancement of the present work will be provided.
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CHAPTER 2
PREVIOUS MATHEMATICAL MODELS

The solidification.of the steel shell during continuous casting in the mold takes place under
various interacting phenomena such as turbulent flow from the nozzle and its effect on shell
growth, interaction of the shrinkage of the shell and ferrostatic pressure leading to intermittent
contact with the mold, interaction of the interfacial heat transfer with air gap formation, high
temperature creep plasticity and many more. The complicated nature of the continuous casting
process makes it very difficult to conduct any experiment inside the mold to understand the
behavior of the solidifying shell. Mathematical modeling has helped researchers to understand the
underlying principles of various materials processing operations for over a decade. The
continuous casting process has been subjected to more mathematical models than any other
process. Recent reviews of these models can be found int! on slab casting and in?! on billet
casting. Earlier works focused on predicting the progress of solidification, as this information is
essential to correctly account for the relationship between casting speed, the position of
straightening rollers and the metallurgical length to decide the location of the cutting torch. To
predict and prevent formation of cracks, requires a much more detailed analysis and complex
models incorporating fluid flow, heat transfer, solidification and viscoplastic stress analysis. The
following historical survey will give the progress of mathematical modeling as well as the state of

this complex subject at the present time.

2.1 SOLIDIFICATION HEAT TRANSFER MODELS

By far the most common and widely used models are simple solidification models, based
on transient heat conduction with latent heat evolution, that can predict temperature evolution and
thickness of the solidifying shell as it moves down the caster’>). The models ranges from 1-D

analytical solutions to 3-D models. Hills™ used a simple 1-D analytical solidification model for
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billet casting with constant material properties. Mizikarl! using a finite difference method,
extended Hill's model by using temperature dependent material properties as well as experimentally
derived heat transfer coefficients. Validated models are commonly used by steel companies as a
tool for design or various trouble shooting purposes[é’ 7], These solidification models are useful
for monitoring several difficult to measure parameters such as, shell thickness, metallurgical

length, and strand surface temperature.

Heat transfer models have been used for designing continuous casting machines. The rate
at which the heat is extracted from the steel is critical to the smooth operation of the process,
excessive cooling can lead to the formation of cracks at the bending or straightening rolls. Laitinen
and Neittaanmakil® used a steady state finite element heat transfer model of the entire continuous
caster for testing of new designs of continuous casting machines. They also solved the inverse
problem by specifying the shell surface temperature to obtain the heat transfer conditions in terms
of water flux in the spray zone. Lally et al.’> 101 ysed a 2-D transient finite difference heat

transfer model for optimizing the processing conditions for both billet and slabs.

Most of the solidification heat transfer models mentioned above include the convection in
the liquid by enhanceing the conductivity of the liquid by a factor of 6-83-3] However coupled
heat transfer and fluid flow analysis of the mold region (L, 12] pave suggested that super-heat
dissipation is non-uniform in the slab casting, more heat being convected by the turbulent flow to
the narrowfaces than to the widefaces and such effects cannot be incorporated into a heat transfer
solidification model by simply enhanceing the conductivity of the liquid. Not much effort has been
given in the literature to incorporate this effect in a heat transfer model or a coupled heat transfer
stress model. In this work an attempt has been made to resolve this issue and will be discussed in

chapter 3.
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2.2 THERMAL STRESS MODELS OF THE SHELL

Comparatively fewer thermo-mechanical models of slab casting have been reported in the
literature. The poor attention to stress modeling can be attributed to the complex nature of the
governing phenomena as well as a large number of computational difficulties. The numerical
difficulties encountered in this type of model arise from several sources, all of which require
iteration : these include the non-linear mechanical behavior of steel, intermittent contact between the
shell and mold, and the coupling between the thermal and stress analysis through the air gap. The
strand movement relative to the mold and the rolls calls for a moving boundary condition. The
inherent 3D nature of the problem when simplifying to 2D needs generalized plane strain which
requires a special formulation.  Also special precautions are necessary for the co-existing
solid/liquid phases in the domain to prevent any stresses in the liquid. In addition to all these,
strains from elastic-plastic-creep and phase transformations are also very important to the process.
The inseparable creep-plasticity at high temperatures calls for unified qonstitutive models, which

constitute an important field of research.

2.2.1 2-D SLICE MODELS

For continuous casting of steel, the Peclet number which characterizes the importance
of convection over conduction, is of the order of 500. Due to the large Peclet number for the
continuous casting process of steel, it has been possible to use 2-D slice models of the strand as it
moves down the caster, by neglecting the heat flow in the axial direction. Using a 2-D mechanical
model requires an assumption of the stress state in the third (out-of-plane) direction. The two most
commonly used simplification for two dimensional stress analysis is to assume a state of plane
stress Oz = 0 or plain strain i.e. €; = 0. Neither of these assumptions correctly describe the stress
state of the 2-D slice as it moves down the strand, because of considerable thermal gradient in the
z-direction. The most appropriate stress state for the slice is generalized plane strain i.e. Ty, = Tyz

=0 and &, = constant. Most of the work in published literature either assumes plane stress or plane
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strain. Previous thermo-mechanical models have simulated both billet casting[13'17] and slab

castin g[18'28].

2.2.1.1 BILLET CASTING

Several thermal stress models of billet casting have been used to investigate defects,
including those forming or initiating in the mold. Grill et al.'3] initiated the thermo-mechanical
modeling of the billet strand by applying an elastic - plastic model to explain internal crack
formation. By coupling heat flow to air gap computed from stress analysis they calculated the heat
transfer coefficients in the comer region and were able to predict corner cracks in the billet while in

the mold. The model was improved later by Sorimachi and Brimacombel14]

incorporating
improved material property data. Kristiansson!'> 10! further improved the traveling slice method
of analysis by developing a step-wise coupled 2-D thermal and mechanical model including the
effect of changing gap size on heat transfer and creep deformation of a slice through the
solidifying shell. It was used to understand the formation of longitudinal and sub-surface cracks in
the mold region of continuously cast billets. The results were analyzed for crack susceptibility
using a 0.2% strain based fracture criterion. By incorporating the thermal distortion of the mold

Kristiansson was able to predict excessive mold wear. Calculated results were in reasonable

agreement with observations reported in the literature.

Kelly et al.l17] developed a coupled 2-D axisymmetric thermo-mechanical model for the
steel shell behavior in round billet casting molds. Their results suggested that thermal shrinkage
associated with the phase change from delta-ferrite to austenite in 0.1%C steel accounts for the
decreased heat transfer observed in the alloy as well as its crack susceptibility. Tszeng and
Kobayashi[zg] used the temperature recovery method of latent heat evolution to get the temperature
solution for their un-coupled thermo-mechanical model of billet casting. They used their plane-

strain deformation and stress analysis of the billet to get a qualitative basis of possible defect
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occurrence without any fracture criteria. Models such as these have been used to obtain an

understanding of the thermo-mechanical of the billets.

2.2.1.2 SLAB CASTING

Most stress models of slab casting have been concerned with bulging below the
mold.[30-36] However, finite element thermal stress models have played an important role in

understanding behavior in the slab mold as wel1l19-25, 27, 28, 30-33, 35-38] Thegse models have been

(27, 28,391 and to understand various

[15, 16, 19, 21, 24, 37, 39] Such

applied to various aspects of mold design, such as mold taper

[25, 27, 28, 371 and cracks

defects, such as off-corner depressions
models are capable of predicting stress distributions in the solidifying shell and by adopting a
“critical stress” (e.g. 20 MPa for steels above 1340 °C)[13] or a critical “strain to fracture” (e.g.
0.2% for steels above 1340 °C)[14], it is possible to identify casting conditions that are prone to

crack formation.

Grill et al.[18] developed an elasto-plastic finite element model to analyze stress
distribution and applied it to understand how to avoid corner crack formation by avoiding the
tensile stresses associated with surface reheating just below the mold. They studied the effects gap
formation and its interaction with heat flow and the effects of operating conditions such as casting
speed, slab size and mold taper on the shell deformation and corner rotation just below mold for
predicting breakouts and mold wear. Kinoshita et al.[1% 21l yged a coupled 2-D heat conduction
and elasto-plastic stress model to investigate the temperature and stress fields in a transverse slice
through the solidifying shell in a continuous slab casting mold. The calculated heat flux and shell
thickness profiles closely resembled the experimental ones. They studied the effects of operating
variables such as slab size, withdrawal rate, mold taper, and mold flux to understand how to avoid

various crack defects in slabs.
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Rammerstorfer et al.l?% used a one dimensional elastic-visco-plastic thermal stress
model to simulate the mid-width cross-section through a slab. Their results suggested that
reheating of the slab below mold should be avoided to reduce the probability of occurrence of
internal cracks. Their conclusions were based on a maximum strain level of 2-6 % at the

solidification front (mushy zone) suggested by Purin gerBo].

Thermal-mechanical models of slab casting have also been used to improve mold
design. Williams et al.[%0l and Lewis et al.*1 had developed an uncoupled visco-plastic model

using the ‘initial strain approach’ of Zienkiewicz and Cormeau!*?!

under plane stress conditions.
They have shown that accelerated cooling using concave mold surfaces reduce the stress levels by
15% compared to straight molds, thereby reducing the thermal cracking. Ohnaka and Yashimal?*!
studied the effects of mold taper and mold corner design on stress generation in the off-corner
region of the mold using a thermal elasto-plastic finite element model. The stress model included
ferrostatic pressure and shell/mold interaction. It was shown that shell deformation due to thermal
stress and ferrostatic pressure changes the shell-mold thermal resistance resulting in tensile stresses

that might cause longitudinal cracks down the corner. Rounded corners and taper less than 1%

were predicted to reduce the extent of off-corner hot spots and subsequent thermal stresses.

Takemoto et al.l3"] developed a coupled solidification-deformation model to obtain the
optimum design of the mold shape in order to prevent the formation of transverse corner cracks in
medium carbon steels. In the experimental castings, the occurrence of cracks were found to
increase with the narrowface taper. Model results suggested that high contact pressure and hence
large frictional force, are developed in the corner region at tapers exceeding the solidification
shrinkage. Thus the tapers should be selected to avoid occurrence of high contact pressure when

the shell is relative thin, hot and weak.

Recently Okamura and Yamamoto®”! have developed a 2-D slice model of the shell to

understand the formation of corner cracks. Their model included a steady state analysis of the
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mold heat conduction while tracking the slice in the time domain. They were able to show that by
increasing the applied taper, the off-corner stress peaks are reduced to a great extent, thereby
reducing chances of crack formation in these locations. This is obviously in contrary to the

findings of Takemoto et al.3%,

2.2.2 SLAB BULGING BELOW MOLD

Solidification stress analysis has been used to design casting machine (lecation of
unbending rolls etc.) in order to minimize the internal strain introduced by unbending and
bulgingB‘”. The effect of bulging due to ferrostatic pressure, reheating of slab surface due to
inappropriate cooling and unbending during straightening on internal crack formation has been
extensive studied(30-36]. Models have predicted internal strains close to the solidification front in

excess of critical strains of 0.25-0.3% as a result of unbending.

2.3 STEADY STATE MODELS

Steady state heat transfer models of the longitudinal section of the strand has been used for
design of the casterlS.. Steady state thermo-viscoplastic model for the 2D longitudinal section of
the strand was modeled by Inoue and Wang[43] to simulate temperature fields and deformation as
well as stress in the strand. Manesh [**] used a thermo-elastic 3D steady state model for process
optimization. Using the ratio of the maximum applied stress to yield stress as a basis location of
bending rollers and their diameters were predicted. The stress ratios provides the design engineers
with a tool for predicting effective parameters on a continuous casting machine for a new

installation design.

Models have been used with great success to understand qualitative behavior - e.g.

reheating below mold generates stress, but have had problems making quantitative predictions.
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Although successful, the models described above are not general since they ignore some of the
complex phenomena known to be present. In addition to solidification shrinkage, thermal stresses,
creep-plasticity, ferrostatic pressure and intermittent contact between the shell and mold, the effects
of non-uniform superheat dissipation via turbulent fluid flow and distortion of the mold may play a
role in defect formation. The lack of knowledge regarding the relative importance of these other
phenomena provided the motivation for the present work, in which a model has been developed to

incorporate all of these effects.
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CHAPTER 3
MODEL DESCRIPTION

A two-dimensional (2-D) transient, step-wise coupled thermo-elasto-viscoplastic finite
element model, CONCAST, has been developed to understand the behavior of the solidifying shell
within the mold region of a continuous slab casting machine. As shown in Figure 3.1, this model
tracks the thermal and mechanical behavior of a transverse slice through the continuously cast
strand as it moves down through the caster at the casting speed, so is similar to the coupled models
of previous workers such as Kristiansson!!" 2], Grill B!, Kinoshita*% and Okamural”. By
moving the slice through time in the z-dimension at the same rate as casting speed, it is possible to
incorporate the full 3-D phenomena. Incorporating the appropriate 2-D stress state of generalized
plane strain, this model attempts to account for those phenomena important to the formation of both
longitudinal and transverse defects. The present model includes separate finite element models of
heat transfer and stress generation that are coupled through the size and properties of the interfacial
gap. The effects of superheat convection in the liquid and mold distortion are incorporated, via

links with results from separate model calculations.

3.1 ASSUMPTIONS

The following major assumptions were made in developing the model :
(i) The input metal temperature, liquid level and casting speed are assumed to be constant.
(ii) Two-fold symmetry of the slab is assumed, which allows to model only a quarter of a
transverse section of the slab.
(iii) The mold powder layer thickness is constant along the slab perimeter, but varies with the
distance down the mold.

(iv) Axial conduction in the casting direction is neglected.
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Figure 3.1 Schematic of slab caster showing transverse section simulation domain along
with the finite element mesh

(v) Mold oscillation and friction between the shell and the mold are neglected.

(vi) Temperature dependent thermo-physical properties are used in the analysis.

(vii) The stress state is assumed to be generalized plane strain.

(viii) The visco-plastic behavior of the shell is governed by a temperature, strain and stress-state
and compositions dependent unified constitutive law and von Misses yield criterion and Prandtl-

Reuss flow rule.

3.2 HEAT TRANSFER MODEL FORMULATION
The partial differential equation governing heat transfer in the continuously-cast strand
is given by the 3-D energy equation:

oT oT BT) 3.1)

d o, 9 dT, 9 . aT dT
g;(kxg'x-)+5‘}—,(ky§§)+§z—(kz'az) = pCp(ﬁ'i- Vix 3{4‘ Vy W‘i‘ V, 9z
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The symbols are defined in the nomenclature section at the end of the thesis. For the solid portion
of the domain the Vx and Vy terms automatically drop out as they are zero, and for the liquid
portion of the domain their effects are taken into account through enhanced conductivity of the
liquid or through boundary conditions (to be discussed later) and thus can be neglected. The
superheat transport in the liquid due to velocity in the x and y directions is accounted for from a
separate model of the fluid through superheat boundary conditions as explained later.’8] The
importance of heat conduction in the casting direction (z dimension) is negligible relative to the heat

CpyV,L
carried by the strand movement, since the Peclet Number (Pe), p_pk_z__ , is about 500 for the

typical values (for example p= 7400 Kg/m3, Cp=670J/Kg/K, V, = 0.0166m/min and L = 0.2 m)
used in the model. Hence the term for conduction in the vertical direction (z) can be neglected with
respect to convection in that direction. In addition, this work adopts a Lagrangian frame of
reference fixed on the strand moving at constant velocity (same as casting speed) in the z-direction.
Eq. (3.1) then simplifies to:

S (o) + o Gey3) = pCpr (32)

Z
where t = v,

Applying the standard Galerkin finite element formulation ! to the governing two-
dimensional transient heat conduction Eq. (3.3) yields the following matrix equations:

[KI{T} + [CI{T} = {Q} (3.3)

where [K] is the conductance matrix, [C] is the capacitance matrix including the effects of
solidification, and {Q} is the heat flow vector. Terms in these matrices were evaluated exactly
using the standard consistent formulation 10 a5 detailed in Appendix A.

The latent heat of solidification is incorporated into Eq. (3.4) through an effective
specific heat in [C], which is evaluated using the spatial averaging technique suggested by

Lemmon [11].
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N BT @B o
Here, H(T) is the temperature-dependent enthalpy function for the steel alloy which includes the
latent heat of solidification and is defined in terms of nodal values and element shape functions in
the same manner as temperature.
This model employs the Dupont [12] three level time-stepping technique, which utilizes

results of two previous time steps to approximate the temperature {T} and the time derivative of

temperature {T} as,

(T} = {Lﬂ\i—'—T—t} (3.5)
(T) = 5 {3Te+t 4 THAY) (3.5b)

where {THAt) are the unknown temperatures, for which the current equations are being solved,
{TY are the temperatures at the last time step, and {T"-A!} are the temperatures at the time step
before {Tt}.

Egs. (3.5a) and (3.5b) are substituted into Eq. (3.3) and rearranged to obtain the finite
element form of Eq. (3.2) as

3 [C] 1 [C]
2I1K ) t+AL) — = Tt-At t .
[+ ol emeay < Q- g ereay + BB gy (3.6)

The material properties such as [K] and [C] are evaluated based on the temperature at time t. Eq.
(3.6) is solved at each time step for the unknown temperatures { Tt*At) using the standard Choleski
decomposition solution routine.[13]

The finite element domain where Eq. (3.7) is solved in this study is shown in Figure
3.1, along with the mesh of 3-node, constant temperature-gradient triangular elements that was
employed. Since the superheat effects are incorporated through a boundary condition, it is not

required to include the entire liquid region of the domain (as shown in Figure 3.1), thereby saving

computational cost.
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3.2.1 HEAT FLOW BOUNDARY CONDITIONS

This model considers the shell to grow under the action of two distinct heat fluxes.
Superheated liquid delivers heat to the inside surface of the shell while heat is extracted through the
water cooled mold from the outside of the shell as shown in Figure 3.2. Notice the locations of the

peaks of these heat fluxes which causes the shell to grow non-uniformly. These phenomena are

Hot face heat flux (MWi) 10 ot mod  Heat flux to inside of shell MW

I 1 T 1 i 1 i i 1 L] LR |

1.0

Meniscus

Peak near mold exit

copper mold
and air gap

shell Mold Exit

Water Spray Zone Liquid Steel

Figure 3.2 Heat Transfer through the solidifying shell

incorporated using separate boundary conditions and are described below. The boundaries on the
heat transfer model domain, as shown in Figure 3.3 are all insulated except for the surface facing
the mold, where heat is extracted from the shell through the interfacial flux layer, air gap and the
mold. In addition, internal boundaries were created to incorporate heat input to the inside of the

shell from the turbulent convective heat transfer from the superheated liquid steel flowing from the
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nozzle. These two heat transfer boundary conditions for the slab section are shown schematically

in Figure 3.3 and are next discussed in greater depth.

3.2.1.1 INTERFACE HEAT TRANSFER MODEL

In the mold region of a continuous caster, heat extraction from the shell surface is
primarily controlled by heat conduction across the interface between the mold and the solidifying
steel shell. Heat transfer across the interface is controlled by the thickness and thermal properties

q=0

L .é-r// Insulated

1 Simulation domain

L

Narrowfac

. Heat Flux at the solid/liquid boundary

Gap Heat N '
Conduction

7/

N

4

\

Gap Heat [q = f(x,y, powder, time, gapsize)]
Conduction

7

Wideface /7

\
N\

Figure 3.3 Schematic of heat transfer boundary condition.

of the materials filling the gap. Researchers such as Riboud!'¥, Branion1? 1 Yoshida et. al.[6]
and others!!”"1% have attempted to quantify this heat transfer. They have found that over most of
the wideface, the interface consists of thin layers of solid and liquid mold powder of varying
thickness and that heat transfer is affected by powder viscosity, feeding rate at the meniscus

(consumption), casting speed, uniformity of the shell (which depends on grade) and the thermal
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conduction properties of the powder layers. In presence of an air gap (as in the corners) the mode
of heat transfer is dominated by radiation. In addition to the mold flux properties, the size of the
gap is influenced by factors such as steel shrinkage, taper and thermal distortion of the mold,
which are all included in the present model calculations.

Heat transfer across the gap between the shell and the mold is represented by a convection

boundary condition as:
q” =heff (Ts - Trn) 3.7

where Tj is the shell temperature calculated at the previous time step (t) and Ty is the mold wall
temperature, calculated by a separate model.?% The overall heat transfer coefficient, hefr depends

on the size and composition of the interfacial gap and is calculated by the resistor model as:

1
heff‘—‘[l T 1+hradj (3.8)

hot kit ks T he

The terms of the Eq. (3.8) are defined in Table 3.1 along with standard values used in the model.
The values of the contact resistances were obtained by trial and error, through comparison of
thermocouple measurements at an operating caster and the prediction of the 1-D model(20] as
discussed later in this section. This model includes a series of four resistances to heat conduction

across the gap in parallel with radiation, as illustrated in Figure 3.4 and described in the following

paragraph.

Contact resistances between the mold and solid flux film and those between the flux and the
shell are given by the first and last terms, respectively of the denominator. The resistance for
conduction through the solid and liquid flux film layers, (which is based on average thermal
conductivity of the mold flux and a thickness that is assumed to increase from a minimum at the
meniscus to a maximum (see Table 3.1) depending on the flux viscosity, flux consumption rate’
and casting speed) is represented by the second term in the denominator. Air gaps are assumed to

form when the calculated displacements of the shell surface from the mechanical model exceed the
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combined thickness of the solid and liquid flux films. The resistance for conduction through the
air (or gas vapor) gap, da, is represented by the third term in the denominator. Finally, the
resistance due to radiative heat flow through the transparent portion of the powder is linearized

with the temperature difference between the two radiating surfaces
hrad = Osp € (Ts + T) ( Ts2 + Ty?) (3.9

where Osp is the Stefan-Boltzman constant and ¢€ is the effective emissivity for radiation between

the two parallel flat plates given bym* 22]
2
€= - (3.10)
1 1 3
—+—-1+ Z2 ds

€mn &
Note that absorption, a, in this equation gives rise to the heat transfer mode referred to as radiation

conduction. (23]

solid flux

minimum flux thickness

rigid
copper maximum flux
moid thickness

solidifying steel shell

air gap
(kair)
molten steel pool
contact
resistances
radiation
AMN————————
Temp of mold o
surface ‘ O 3:,:-;'1: fstrand
contact d/k d/k contact
resistance resistance resistance resistance
at to heat flow to heat flow  at steel
mold/flux across air  across flux shell
interface gap interface

Figure 3.4 Resistor model for interfacial heat transfer
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TABLE 3.1 Constants for the Gap heat transfer model

Convection Coefficient at mold surface
Conductivity of molten and solid flux
Conductivity of air

Contact convection coefficient at Terys
Contact convection coefficient at Tgofy
Contact convection coefficient at Tgg)

Contact convection coefficient at Tiiq

Emissivity for mold (Copper)
Emissivity for shell (Steel)
Refractive index

Absorption coefficient

Powder Solidus Temperature

Powder Conductivity
Air Conductivity

Stefan Boltzman constant
Total thickness of the interfacial gap

Total powder layer thickness

Thickness of the air gap

K=

ERIEEEEIE

m2K

€

m2K

X<

sR(ER[=0 1

m2K4

=

3000

0.70
0.06
1000

2000
6000

20000

0.5
0.8
1.5
250

1050
0.8

0.06
5.67x10-8
Implicit Calculations

0.4 mm at meniscus
0.7 mm at mold exit
dgap - df for dgap > df
0.0 for dgap < df

A separate model, CON1DP4, has been developed to predict the formation of the mold

powder layers in the interfacial gap based on the measured powder consumption and performing

heat, mass and momentum balances on the flux layers. CON1D calculates the solid and liquid flux

layer thicknesses at the center of the wide face, where ferrostatic pressure holds the shell against
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the mold and the air gap is a minimum. Since ferrostatic pressure prevents shrinkage of the shell
away from the mold over most of the wide face, heat transfer is dominated by the powder
properties over most of the mold. Small air gaps may still be present, however, in the form of a
contact resistance, due to the roughness of the copper plate surface, non-uniformities in the shell

surface, and incomplete wetting of the mold flux.

Experimental data is crucial in developing a reasonable model of the interface. The
CONI1D model was calibrated by comparing mold thermocouple measurements with that of model
predictions. The heat transfer conditions at the mold/shell interface required to produce a
previously measured set of mold temperatures are found using CON1D. Model parameters in the
present work are chosen so that model predictions match thermocouple measurements in the mold
wide face, for the same casting conditions.[?4! Figure 3.5 compares the temperatures measured on
an instrumented mold at LTV Steel with the temperature distribution down the mold predicted by
the CON1D model. This profile is controlled by the calculated variations of the mold-powder solid
and liquid layers, conduction through the shell and mold, properties of the powder and steel, mold
geometry and input conditions. The predicted solid and liquid powder thickness of CON1D along
with the model parameters were used in CONCAST, to represent the interfacial heat conduction.
The values used for the model parameters in the calibration of the model as well as the present
simulation are shown in Table 3.1. It is hoped that the extrapolation of the interface model which
is valid at the center of the wideface, to regions of the mold (near the corner) where a larger air gap

exists is reasonable.

In the off-corner regions of the wide face and along the narrow face, shell shrinkage,
mold taper, and mold distortion can significantly affect heat transfer by changing the local gap
thickness. Thus, the model calculates the thickness of the gap at each location and time, knowing
the position of the strand surface (from the stress model), and the position of the mold wall (from
the mold taper and distortion) at that location and time. The model then calculates heat flow at

every location and time step using the same interface model, assuming that the powder layer
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thickness remains same all along the slab surface and that air fills the remaining gap. The total size

of the gap, dgap, is the sum of the powder layer thickness, dy, and the air gap, dy :
The size of the gap dg,p is calculated from the stress model from the nodal displacements and the

position of the distorted mold as

dgap = u(x’y’t) - dwall(X,y,t) (3. 12)
Equations 3.11 and 3.12 couples the heat transfer and the stress model at each time step and the

procedure is discussed in the simulation procedure section in chapter 5.

Temperature ( C)
n
o
o
1

-

o

o
|

4

T '"I'"'I'"’I""l""l""l""lr’";"'*
-1000 0 100 200 300 400 500 600 700 800 900
Distance Below Meniscus (mm)

Figure 3.5 Comparison of model prediction with plant measurements(%3).

3.2.1.2 SUPERHEAT FLUX

Liquid steel is poured into the mold at a temperature above the liquidus. The sensible heat

contained in the liquid steel represented by this temperature difference is known as superheat.
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Superheat is proportional to the difference between the pour temperature and the liquidus
temperature and must be dissipated before the steel can solidify. Since more than half of this heat
is removed in the mold and its distribution is uneven, superheat dissipation represents a significant
fraction of the total heat removed by the mold in some places 8,26,27] The relative importance of
the dissipation of this superheat to the growth of the shell is not clear. It is thus necessary to
account for this uneven dissipation of superheat in the mathematical model.

Traditionally, the convection of superheat is accounted for in a thermal stress model by
simply enhancing the liquid conductivity by a factor of 7-10 (28,291 This “enhanced conductivity
method” requires enmeshment of the entire liquid pool (i.e. the finite element mesh should contain
the entire liquid region), so is inefficient. Furthermore, this isotropic enhancement does not
reproduce the phenomena related to non-uniform distribution of superheat.

To overcome these deficiencies, a new method is used in the mode1[30], which
characterizes the superheat from the flowing liquid to the solidifying shell as an internal boundary
condition which applies a heat flux source at the solid/liquid interface, using data sets at several
positions across the solid/liquid shell boundary. The heat flux data was generated with a three-
dimensional, finite volume model of turbulent fluid flow and heat transfer by Huang and

8]

Thomas!®l. This sophisticated 3D fluid flow and heat transfer model calculates velocities and

temperature of liquid steel inside the solidifying shell by solving 3D steady state Navier Stokes
equations with the standard K-¢ turbulence model and an empirical wall law. The model domain is
up to but not including the mushy zone and the boundaries which correspond to dendrite tips are
treated as very rough solid walls. A fixed temperature, Tiiq, is imposed along these boundaries.
The heat flux exiting the entire boundary of this domain generated the 'Superheat flux' data sets (as
a function of position both across and down the mold faces) used in this work.

Figure 3.5 presents typical 3-D model results for velocity, temperature and heat flux. (8]
The flow of superheated liquid steel leaves the nozzle as a strong hot jet and impinges on the
narrowface carrying heat across the mold. These results show that the heat flux which represents

the rate of superheat dissipation to the inside of the shell, reaches a maximum at the impingement
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point on the narrowface wall. It is important to note that the narrowface receives the most
superheat, exceeding that of wideface by several times. This non-uniform dissipation of superheat
is partly responsible for unequal shell thickness around the shell perimeter. Casting speed and
superheat temperature both directly increase the superheat extraction rate at the narrowface and off-

corner wideface.

As shown in Figure 3.6 for 3 example elements, the superheat heat flux is applied to all
elements in the domain which contain exactly two solid nodes and one liquid node. A coherency

temperature Tc, is defined to distinguish between solid and liquid nodes as
Te = 6 Tso1 + (1-6) Tiq (3.13)

where the solid fraction, 0 is taken as 0.8. The heat flux to apply to these two solid nodes is

extracted via 3-D linear interpolation of the database values both down and across the mold face.
F 0.3 v '

I

Velocity vectors Temperature(°C) Heat flux(kW/m2)

Figure 3.6 Velocity, temperature and heat flux in the strand. (8!
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Figure 3.7 Schematic showing application of internal heat source at appropriate faces.

Heat is calculated from this heat flux value according to the time step size, the casting speed, and
the distance joining these two solid nodes, which define the solidification front and added to the

thermal load vector as an internal heat source term as per Eq. 3.14

Lij q"
(Q =J‘NT q" dA = —5Sb (3.14)
sh

where Ljj is the length of the internal boundary over which the superheat flux is applied as shown

in Figure 3.6.

This "superheat flux" approach reasonably incorporates the effect of convection due to
turbulent fluid flow on superheat removal. The heat flux distribution can be calculated as a
function of process variables such as, caSting speed, superheat temperature difference,
submergence depth, nozzle angle, steel grade etc. A database is being developed to extend

versions of the model over a range of operating conditions.

3.2.1.3 SPRAY ZONE BOUNDARY CONDITION

Below the mold, the heat flux to the steel slab surface, q" in Eq. 3.7, is replaced by

water spray zone boundary condition:

q" = (hgpray + Brag + hnconv ) (Ts - Tw) (3.15)
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(31]

The heat transfer coefficient for the spray is taken from Nozaki'”"! as a function of the water spray

flux, w, and water temperature Ty,

0.55

hspray = 392.5 ()2 (1 - 0.0075Ty) (3.16)

The linearized heat transfer coefficient due to radiation given by Eq. 3.17

hrag = OsB € (Ts + Too) ( Ts2 + Too?) (3.17)
where To is the ambient temperature taken as 35 °C. The heat transfer condition for natural
convection is taken as 8.7 W/m2K from Haegele[32]. This heat transfer condition was applied over
all of the wideface. Over the narrowface where the cooling is not as strong as the wideface, only

natural convection and radiation were applied.

3.3 MECHANICAL MODEL FORMULATION

Stresses arising during solidification are highly dependent on the temperature differences in
the shell, the loading history and time-dependent creep. Therefore, the mechanical model tracks
displacements, strains, stresses, and forces as they evolve incrementally through time. For the 2-D
analysis, as in the present case assumptions are needed to represent the stress state in the out-of-
plane direction. Many previous 2-D models of continuous casting have assumed plane stress (3,

30, 33-35] (36, 37] (1,2, 38] who assumed

or plane strain except the models of Kristiansson
generalized plane strain for the billet section. However, both plane stress and plane strain are
inappropriate, because non uniform thermal strains in the out-of-plane are usually very significant.
Neither of these assumptions accurately describe the stress state of the 2-D slice. When modeling a
2D slice through a typical casting, the best approximation is usually generalized plane strain, which
allows both translation and rotation of the 2D plane section. For, the slab section in consideration
the rotations of the plane can be easily be neglected because of the rigid construction of the mold

and the applied constraints as well as the symmetry assumption.
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The basic governing differential equations for the 2D generalized plane strain model are the

mechanical equilibrium equations:

a‘gf’w?—%‘—y’ﬂ - AFy (3.182)
%&a‘a‘—;’x - AF, (3.18b)
Jac,da = AR, (3.18¢)
[xAc,da = AM (3.18d)
[yAc,da = amy (3.18¢)

which relate the incremental stresses to external force increments, and the compatibility equations

which relate increments of total strain to displacement increments :

Aey = ag::x (3.19)
JAu
Aey = ——1 :
&y = gy (3.20)
1 (0Au dAu ‘
rey = 3 (Tt + ) (3.21)
Aez = a+bx +cy (3.22)

For the present simulation of continuous casting, the two-fold symmetry assumptions makes the
terms b=c=0 which prevents any rotation of the plane and makes the Eqs. 3.18d and 3.18e vanish.

This produces a constant value for the z strain increment, Ag; over the entire domain, to be solved
during each time step. The small strain assumption invoked in these equations is quite reasonable
for stress analysis of the continuous casting processes. The stresses and strains are related

through the Hooke's Law:

{Ac} =[D'] {Age) + [AD'] {ge) (3.23)
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where [D'] contains the elastic constants, which depend only upon the material properties of elastic

modulus, E(T) and Poisson’s ratio, v, for an isotropic material:

B 1-v v 0 \Y ]
v l-v 0 \Y
. E(T)
D] = ————o— - 3.24
e a+wa2wl| o o (15") 0 (3.24)
.V \Y 0 1-v

and [AD'] is based on the change in E(T) due to temperature changes over the time step. The finite

element formulation for the 2-D generalized plane strain are given in detail in Appendix C.

One way to find Ag; is to improve on initial guesses through iteration using Eq.
3.18¢39 with AF; = 0 as shown in APPENDIX D. Unfortunately, this extra effort can double the
execution time, despite the efficient iteration for incremental z-strain, Ag, possible because the
stiffness matrix need not be retx‘iangularized[40]. In the present work the direct method which
solves for Ag, at once, by adding one extra node to the finite element mesh is used, because it was
found to be more efficient than iterating for the z-strain. The extra node upsets the banded nature
of the stiffness matrix [Kq], giving the non-zero terms an “arrowhead” shape[41] (see details in
Appendix C). However, utilizing the efficient matrix storing scheme of the variable bandwidth
Cholesky Solver it was possible to use the same code with minimal modifications. The Cholesky
solver used in the present model stores the banded symmetric stiffness matrix in an one
dimensional array and keeps a counter for the number of terms in each row of the stiffness matrix
within the bandwidth including the diagonal. Since the number of equations solved in this case is

(ndf+1) (APPENDIX C), the counter for the last row will have (ndf+1) terms.

Applying the Galerkin finite element formulation to the mechanical problem defined by
the equilibrium equations (Eq. 3.18), along with the strain-displacement (Eq. 3.19 - 3.22) and

stress-strain (Egs. 3.23) relations results in a set of simultaneous equations

[K's] {8} = {AFe}+ {AFe} + (Fip) - (Fe) (3.25)
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to be solved at each time step. Here the vector {8} contains the incremental in-plane
displacements and the incremental out-of-plane strain. Loads arise from the thermal strains,
{AFgr}, the inelastic strains, {AFgp), ferrostatic pressure and interaction with the mold, {Fep},
and a correction term from the elastic strain accumulated up to the previous time step. Terms in
this equation are defined in Appendix B. Notice that a mixed formulation is adopted in which the
thermal and plastic loads are based on incremental strains whereas the ferrostatic pressure and

residual loads are based on total formulation.

Stresses, strains and displacements are calculated within the same domain as the heat
transfer model shown in Figure 3.1. The heat transfer model uses the 3-node triangular elements
while stress model uses same nodes connected into 6-node triangles as shown in Figure B.1. The

incremental total strain vector, {Ae}, is composed of elastic, thermal and inelastic strain

components:

{Ae} = {Ae} + {Aer} + {Agp) (3.26)

where {Age} is the elastic strain increment, {Aet) is the thermal strain increment, (incorporating
volume changes from both temperature changes and phase transformations) and {Agp} is the

inelastic strain increment, (incorporating both plastic and creep strain). These terms are explained

below. .
3.3.1 THERMAL STRAIN

Thermal strains arise from volume changes caused by both temperature differences and

phase changes (including both solidification and solid state transformations). This creates a

“thermal load”, {AFaT} that is incorporated into the stress model through the incremental thermal
strains {Ager}as given by Eq. B15. {Aer} is calculated in each element based on the temperatures

determined in the heat transfer analysis and the thermal linear expansion of the material, TLE:
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{Aer} = (TLE(Tt+Ap - TLE(TD)) (1,1,0,1}T (3.27)

By storing the contraction information directly into the state function TLE, incorporates thermal

strains due to both phase changes and temperature changes.

3.3.2 INELASTIC STRAIN

(42, 431 ynverified models of structure-

In most previous continuous casting models,
independent plasticity or a simple creep constitutive model have been used. In many commercial
packages (e.g. ABAQUS [44]) the inelastic strains are decomposed into (i) a rate-independent
plastic part and (ii) a rate-dependent creep part. This unnatural separation makes it difficult to
accurately predict the combined effect of the two. At higher temperatures, important to stress
development during solidification, creep is significant even during a tensile test and cannot be
distinguished from plastic strain. The mechanical behavior is very sensitive to strain rate. Thus,
“unified” constitutive models have been developed to treat inelastic strain as a single function,

whose instantaneous rate of change, ep, depends on the current stress, temperature, structure, and

rate of phase transformation,

t+At
Aep = J £p(T, O, structure) dt (3.28)
t
Several different methods are available to treat inelastic strain, {Aep}, numerically over the
time step. The inelastic strain rate function can be integrated by explicit and implicit methods. The
explicit forward Euler time-integration procedure is often restricted by the time step size for
stability[45]. As such a more stable implicit scheme was developed [46] 16 allow larger time steps

for integrating the constitutive equation. These two methods are described next.
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3.3.2.1 EXPLICIT METHOD

In this model, the simple, explicit time-integration procedure based on the visco-plastic

[47]

model of Zienkiewicz and Cormeau'" "' is used to integrate Eq (3.25) over the time step for the

incremental inelastic strain is characterized by

Agp = At Ep©,T,%Cotep) (3.29)

where £p is the scalar function given in Eq.(3.28) dependent on the current temperature, T, the total
plastic strain accumulated to that time, €p, and the current effective stress, 8. The Von Mises
effective stress for an isotropic constitutive model is found from the spatial components of stress,

G as:

1 2
o= V(0102 + (Gy-0)2 + (0,002 + 6(12,) (3.30)

Next, the constitutive model, £p in Eq. 3.29, is integrated using an appropriate numerical algorithm
to find a scalar value of the incremental inelastic strain, Agp, which is then decomposed into spatial
components, {Agp}, using a flow rule. Usually, inelastic strain is assumed to be incompressible
and proportional to the deviatoric stresses, which leads to the Prandtl-Reuss equations (Eq. B.20)

or “associated flow rule”[48].

3.3.2.2 IMPLICIT METHOD

As mentioned before, the time step size restriction of the explicit integration schemes
led to the development[46] of the two-level implicit scheme similar to the one proposed by Lush et
al. 9 for internal variable constitutive equations. In the implicit algorithm the evolution of elastic
strain, and hence stress, is written in the rate form,

{ €} = (€} - {eT) - {€p) (3.3D

where the plastic strain rate vector { ép} is expressed by the Prandtl-Reuss equation (Eq. A30)
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() =2 &, 1% (3.32)
(o]
where t"—ip is the unified constitutive law given by Eq. 3.29, {c¢'} are the deviatoric stresses, and &
is the effective stress.
It is assumed that the stress state (o7,e") at time t? is known and the purpose is to find
the stress state(on*1,en+1) at time t"*+1, The integration of the evolution equation Eq. 3.31 was

(501 \which is based on

adopted from the viscoplastic algorithm proposed by Glowinski and Talle
the ADI scheme of Douglas and Rachford!l. The integration is carried out in two steps. Step a)
involves finding an intermediate value for the incremental plastic strain increment by implicitly

solving the necessary equations locally at the Gauss points, and in step b) the intermediate strains

are used to solve the global finite element equations.

Step a)
()41 = (oyn + D] (&) - (E)n+1 - ()1 )Ae (3.33)

Step b):

(6)m+1 = {o)n + (D] ((£)0+1 - (Er)n+1 - (£,)m+1 )Ac (334)
Here the terms with A represents intermediate values. For isotropic materials, using the deviatoric
part of Eq. 3.33, the two tensor equations above (with 14 unknowns) can be reduced to two-

unknown scalar equations, which are:

Sl = E0 + f(Bn+1 B0+l Ar (3.35)
and B+l = g*n+l Mf(%n+l ’%pnﬂ ) At (3.36)
2(1+v)
where: {c*)n+1= (o}n + [D] ( (€} - {E1}n+1) At (3.37)

Here f represents the unified constitutive law given by the ép function in Eq. 3.29. Finally, the
[
non-linear equations Eq. 3.35 and 3.36 are solved iteratively for €,7*1 and g+l using the two-

level iteration scheme proposed by Lush®. After solvin g these equations the incremental plastic

A
strains Agp™*1 are updated as:
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A
A 35 n+1 A

Aea I+l =250 rG'yn+l (3.38)

(agpym+1 =32 (8)

At . .
The term {6 }+1 is written as:

An+1

(6'yn+1 = {c*'}n+1 (3.39)

g¥n+l
where {o*'}n+1 is the deviatoric part of {0*}"*1 and 5*+1 is the Von Mises effective stress. The
incremental plastic strain components of Eq. 3.38 are used to generate the plastic load vector as per
the Eq. B.16. Thus in the above scheme the equations 3.35 and 3.36 are implicitly solved locally

at each Gauss point and then the global finite element equations are solved explicitly using the
intermediate effective plastic strain Aﬁp. Using this scheme a considerable saving in computational
time for integrating the constitutive equation is achieved compared to other implicit schemes
proposed by researchers such as Argyris et al.[sz], Snyder and Bathe[53], Fjaer and Mol?4,
Tanaka and Miller>], in which the global system of equations are solved iteratively several times
during each time step.

For step b, using the finite element procedure based on "initial strain method", the

equilibrium equation BTo = 0, along with the Eq. 3.34 produces the following global finite

element system of equations :

(JBTDB av) (au}r = - [BT(o}r av + [BTID] ((ir)n+1 + (Ep)1)Acav (3.40)

After solving the global linear equation, the stress is updated as

(o] = {6} + [D] ({é}“+1 - {er}n+l. {é\p}n+1)At (3.41)

3.3.3 MECHANICAL BOUNDARY CONDITIONS

The equations described above are subject to the boundary conditions illustrated

schematically in Figure 3.7 for a slab. The dimensions of the slab used in the simulation is given
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Chapter 5. The two-fold symmetry assumed in the geometry is imposed by fixing normal

displacements on the symmetry planes :
t>0 x=W O<y<d, ux=0
t>0 y=N O<x<d, uy=0 (3.42)

These conditions also prevent rigid body motion of the slab.

)

Liquid

|__Ferrostatic Ressure

Narrowfac

D)
%

Figure 3.8 Mechanical boundary conditions.

3.3.3.1 FERROSTATIC PRESSURE

Ferrostatic pressure from the liquid generates forces which, though small cannot be
ignored in slab casting. They constitute an important source of bulging enhanced by creep both in
and below the mold. This pressure, Fp, acts on the inside surface of the solidifying shell and

increases due to gravity, g, in proportion to distance, Z, below the liquid surface:
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For straight mold : Fp=pgZ
For curved mold : Fp =p gsin (Z/R) (3.43)
where Z is calculated as
Z=Vcet (3.44)
This pressure is applied mathematically as an internal boundary condition to appropriate nodes (see
Figure 3.6) at the solid/liquid interface(3%). Ferrostatic pressure is applied as an internal load in the
same manner as the superheat flux boundary condition described earlier. This interface is defined

by the 80% solid isotherm in the domain. The isotherm that defines "coherency", is defined

through Eq. (3.13) with 6 taken as 0.8.

3.3.3.2 SHELL/MOLD CONTACT

Further boundary conditions are applied when the shell contacts the mold to ensure that
no portion of the shell surface penetrates into the mold, as described in a later section. One of the
most difficult tasks is to properly account for the restraining effect of the mold on the thin shell
which is bulging due to creep deformation driven by the ferrostatic pressure. The interaction
between the shell and the mold not only affects the loading on the exterior position of the shell, but
also influences the heat transfer significantly. Ohnakat>®] employed a technique accounting for
contact loading, which estimates the load required to avoid penetration of mold by the shell and
applies the load on the shell at the first iteration. The procedure iterates until the penetration is
negligible. A more stable method for contact loading, used in commercial packages such as
ABAQUS 5 7 is to fix the displacements of penetrating shell surface nodes to the mold wall one at
a time. This method would be prohibitively expensive for the present problem, however, since
many iterations of the mechanical model would be required within each time step.

In the present model, penetration of mold wall by nodes on the slab surface is
prevented by creating "spring elements" at each surface node along the narrow face and wide face

where the shell tends to penetrate the mold. This is done by first finding the position of the mold
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wall, dwali, at the next time step, t+At, based on the known mold taper, diap, and the mold
distortion, dy, which is known from prior calculations using a separate model®®] discussed in
Chapter 4 and stored in a data base:

+AL
wall

d = dtap(X,y,t+At) + dp(X,y,t+At) (3.45)

where t is the time since the slice was at meniscus and is usually equal to V.- The mold distortion
Cc

is not sensitive to local variations in gap and can be approximated reasonably from a priori
knowledge of the heat flux for the given casting conditions. The size of the gap ,dgap, is then
calculated for each shell surface node, based on the best available estimate of the surface node
displacements perpendicular to the mold wall (i.e. ux for the narrow face and uy for the wide face)

at current iteration i.

dgap = U'(X,¥,0) - dwall(X,y.0) (3.46)

The size of this gap, dgap, is also very important to the heat transfer calculations. Nodes with a
negative gap exceeding the allowable limit of § are considered to have penetrated the mold.

Normal displacements of those nodes are fixed to a new position, y;, that corresponds to the

position that the wall will have moved to by the next time step:

g, =dwall - u'+ 2% 1d70 - d | for dgp <O and |dgp|>8  (3.47)

Fixing each nodal displacement is accomplished approximately by adding a "spring
element” to pull that node towards its intended destination. This involves multiplying the

appropriate diagonal entry in the stiffness matrix by a large stiffness multiplier A, and setting the

corresponding force vector term to the new stiffness multiplied by Y, given by Eq. 3.47-

[Kc]diag =A* [Kc]diag (3.48)
{F} = A * [Koldiag * Uix (3.49)

Spring elements are used so that checks of tension or compression of the spring can easily be made

to indicate whether the node is trying to shrink or not.
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Figure 3.9 Schematic illustration of the mold penetration algorithm.
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This procedure of pushing the node farther away from the mold than necessary prevents the
phenomenon of nodes improperly "sticking" to the mold wall when the taper exceeds the natural
shrinkage during that time step. The inaccuracy is small and occurs only at the time step when
shell / mold contact is lost at a given node. Since the model takes advantage of the knowledge that
ferrostatic pressure applied at the inner surface of the solidifying shell induces a maximum mold
penetration at the center of the wideface or narrowface and that the rest of the shell behaves in a
continuous manner, the convergence of this algorithm is greatly improved. Based on the relative
position of the maximum bulge, only 50% of the penetrating nodes are selected for applying spring
forces as illustrated in Figure 3.8. The coupling procedure for the gap heat transfer is discussed in

the simulation procedure section in Chapter 5.

3.3.3.3 CONSTRAINT FOR BULGING BELOW MOLD

Below mold the shell is only supported by rollers as shown in Figure 3.9 and practically
unconstrained to bulge undér ferrostatic pressure and creep deformation. For a 2-D slice model, as
in the present case, the ferrostatic pressure force needs to be counter balanced by some bulging
moments acting on the plane, or by constraining the slab surface to conform to the bulge shape
between rollers as the slice moves down. If one can accurately calculate the bulging moments
acting on the plane, it is possible to apply the moments as a force vector using the generalized plane
strain formulation described in Appendix B. However, calculation of bulging moments needs
involved calculations and verification of the code and the model would need the entire slab section

instead of the quarter section used in this analysis.

Therefore, a different approach was adopted in this work, where the shell surface position
was constrained by a fictitious mold representing the bulge shape of the slab, at the center of the
wideface and the mold contact constraint of section 3.3.1 was applied. The bulge shape of the slab

has been predicted by several researchersl > 42> 43, 59-62] 5n4q compared to experimental
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measurements. Recently Wang and Thomas [63] developed a relationship for the maximum
bulging as a function of shell thickness, casting speed, shell surface temperature as given by Eq.
3.50.

p6:001 - 1.936
Winax = F x 5.844x1020 exp(1.955x10°3 To) 57— o=z (3.50)
Vc ’ Xs

Figure 3.10 Schematic of bulging of the slab below mold.

Symbols are defined in the nomenclature section. The experimental measurements as well as
mathematical simulation indicate some negative bulging near rollers. Most of the work on slab
bulging consider the slab far below in the strand where the shell is thick ( 30-50 mm) and the
surface temperature is low ( 800 °C). The data on slab bulging just below the mold is not
available. So the empirical relationship of Wang [63] was used to get the maximum bulging of the
slab at the center of the wideface. As reported in most literature [/ 42 43: 59-62] the 15cation of the
maximum bulging was taken at a roll pitch of 0.65 as shown in Figure 3.10. Inconsistence with
the experimental measurements as well as simulations, the ratio of the maximum bulging to the
maximum negative bulging was fixed at 5:1 similar to that reported in the literature!®. At the

location of rollers the shell is forced to touch the rollers. These four points were then fitted to a
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cubic relationship to obtain the shape of the fictitious mold used in the model to represent the bulge

shape.
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Figure 3.11 The bulging profile between two rolls used for simulation below mold.

3.4 INITIAL CONDITIONS

The model simulation starts at the meniscus and the initial shape of the domain is
same as the distorted shape of the mold cavity at the meniscus. The starting temperature of the

domain is set to the liquidus temperature for the super heat flux method
T(x,y,0) = Tiig (3.51)

or to the pour temperature for the enhanced conductivity method. The gaps between the shell and

the mold at the meniscus are filled with liquid mold flux and the thickness of the mold powder
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layer was obtained from the CON1D model as a function of position down the mold. The initial

stress strain in the domain is zero ;

0x=6y=cz=txy=0

3.5 TREATMENT OF LIQUID

Since the model domain contains both the liquid and the solid, special care should be taken
to handle the liquid region. To avoid generating unnecessary stresses in the liquid, Kristiansson!!’
2] assigned zero stiffness to those integrating points whose temperature is above the coherence
temperature and prescribed zero displacements to the corresponding nodal points. This method
have the potential to introduce singularity in the stiffness matrix and may not properly take in to
account the effect of ferrostatic pressure at the solid/liquid boundary. Tszeng and Kobayashi[34]
artificially in creased the Poisson's ratio of the liquid close to 0.5 to provide a hydrostatic stress

state in the liquid region. However, this is not necessary when using the ferrostatic pressure as an

internal boundary condition as in the present case.

In continuous casting, where the liquid is exposed to ambient pressure all times, the liquid
elements should contribute no stresses to the shell other than through Eq. (3.40). This is
accomplished in the model simply through careful choice of temperature dependent functions of
elastic modulus E(T) and thermal linear expansion (TLE) especially above the solidus temperéture.
The elastic modulus is gradually reduced from its value at solidus temperature to 10 MPa at the
liquidus temperature. To avoid generating troublesome stresses in the liquid, TLE of the liquid
above the solidus temperature is made same as the value at solidus temperature. This is reasonable
because any shrinkage of the liquid will be compensated by liquid level fluctuation in the mold at

the free surface.

52



3.6 THERMO-MECHANICAL PROPERTY DATA

Accurate material property is a key to the successful prediction of any model. Therefore a
careful choice was made in selecting the property data used in the simulation. Most of the thermo-
mechanical properties used in the model were temperature dependent. They are discussed in detail

below.
3.6.1 THERMAL CONDUCTIVITY

The temperature dependent thermal conductivity function used in the model is shown in

Figure 3.11, which also shows the effect of carbon content on the thermal conductivity function.

3.6.2 ENTHALPY

The enthalpy, which represents the total heat content, is shown as function of temperature

and carbon in Figure 3. 12. The curve for stainless steel is also plotted in the same figure.

3.6.3 THERMAL LINEAR EXPANSION

TLE is calculated from other measured quantities: thermal expansion coefficient and
density. Firstly, TLE can be found from temperature dependent thermal linear expansion
coetficient data, and its corresponding reference temperature, To:

T
TLE(T) = T{ or(T) dT (3.53)

0

where arT is the temperature-dependent coefficient of thermal expansion. Alternatively, TLE can

be defined as a function of the mass density, p:

3
A /p(To)
TLE(T) = \ [ === - 1 3.54
p(T) G9
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Currently, the TLE function used in the model for plain carbon steel is based on the data obtained

by Harste!6°]

using Eq. 3.54. The volume change due to phase transformations is accounted for
by taking a weighted average of TLE based on the fraction of phases present. During the

solidification of steel, liquid (1), ferrite (ot or 8) and austenite (y) is present:

TLE = (%1) TLE] + (%0) TLE§ + (%) TLEy + (%) TLEq, (3.55)

where a separate TLE curve is found for each phase from measurements. Whenever phase
transformation kinetics data are absent, the equilibrium conditions based on phase diagram are used

to calculate the phase fractions.
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Figure 3.12 Thermal conductivities of Carbon[®®) and Stainless stee1[66] as a function of
temperature

The thermal linear expansion function (Eq. 3.54) used in the model is shown in Figure

3.13 as a function of both temperature and carbon percentage for plane carbon steels. The TLE

function for autenitic stainless steel used in the model is mainly based on the expansion of austenite
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using Eq. 3.53 as shown in Figure 3.13. For carbon steel, the function which is taken from

Harste[0]

shows a sharp transition representing the 8—Y transformation. As seen from these
curves the TLE remains constant (same as the value at solidus temperature) above the solidus

temperature to avoid generating stresses in the liquid as discussed in section 3.5.

3.6.4 ELASTIC MODULUS

The elastic modulus of steel varies significantly with increasing temperature in addition to
its effect on strain rate. A wide range of elastic modulus data are available in the literature. They
depend on both the steel grade and the testing technique. Uncertainty exists concerning the true
value of E at high temperatures. This is due to the fact that some experimental methods allow time
for some creep to occur during the test, resulting in a smaller estimate of E modlus. On the other
hand unrelaxed test data tend to produce relative larger estimates of elastic modulus. Two extreme
of such data reported by Mizukamil®”! and Hubl%®! were used in the model is shown in Figure

3.14. The modulus is assumed to be the same for both plane-C and stainless steel grade and the
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Figure 3.15 Elastic Modulus Function used in the model
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results reported in this work is based on the low E modulus as the constitutive equation used in the

model is based on this E modulus.
3.6.5 CONSTITUTIVE BEHAVIOR

The accuracy of stress model predictions has been limited in the past by the lack of general
constitutive and appropriate experimental data with which to quantify the visco-platic behavior
described in Eq. 3.28. In recent years the visco-plastic constitutive behavior has been expressed
through unified equations based on the experimental measurements.[69-72 Among the various
unified approaches, internal state variables which evolve with time are often used to characterize

the structurel70-72]

and can even accommodate microstructural changes due to phenomena such as
recovery and recrystallization. For the present model of continuous casting, the latter models were
judged to be overly complex, since the strains are very small, Joading is almost monotonic and
convergence difficulties from other more important sources must be dealt with. Kozlowski et
al.l”3] have recently developed simplified constitutive equations for inelastic strain in plain-carbon
steel under continuous casting conditions. Tensile and creep test simulations with these equations
match experimental tensile test data measured by Wray [74] and creep test data measured by Suzuki
et al.l79 over a wide range of strain rates (1073 - 10-6 sec.”1) and high temperatures (950 - 1400

°C) and varying carbon contents (0.005 - 1.54 Wt.-%C). One of these equations have been
incorporated into the CONCAST model and is provided below.

Tp=1c * exp(-% *(o - f1epf2)f3- (3.56)

where Q =44650
_ 4 4 5 2
fo = 4.655x10%+ 7.14x10* (%C) + 1.2x10° (%C)
f1 = 130.5 - 5.128x107> T
fr = -0.6289 + 1.114x10™> T
f3=8.132- 1.54x107> T
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The inelastic strain in the above equation is used to characterize the structure parameter
often referred in internal state variable constitutive equations. Comparison with the experimental
data suggest that the model can reasonably describe the plastic-creep behavior for steels under

continuous casting conditions.! 73]

3.6.6 CONSTANT PROPERTIES

Thus far only temperature dependent properties are mentioned. Other properties that were
kept constant during the model simulation include density, Poisson's ratio, solidus and the liquidus

temperature. For the present case the liquidus and solidus temperatures are expressed as

Tiiq = 1454 and Tgo1 = 1399 °C for the stainless steel and for the carbon steel they are

expressed as
Tiiqg = 1536.0 - 78.846 * (% C) (3.57)
Tso1 = 1536.0 - 455.55 * (% C) (3.58)

The effect of other compositions on these temperatures are being neglected as this would not affect
the temperature or stress calculations. The density and Poisson's ratio of the steel are assumed to
be temperature independent. This is done to maintain a constant mass. The density of stainless
steel is taken to be 7800 Kg/m3 while that of carbon steel is taken as 7400 Kg/m3 and the

Poisson's ratio is taken as 0.3 for both the material.
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CHAPTER 4
MOLD DISTORTION

4.1 INTRODUCTION

Thermal distortion of the mold tube has been found to be very important to heat transfer,

dimensional accuracy, strand quality, and life of billet molds, and has been the subject of several

(1-4] Relatively less effort has been invested to understand the distortion of

[5-9]

studies, e.g.
continuous slab casting molds . Perhaps this is because little residual distortion has been
observed in slab molds. However, recent models have provided some insight into the mechanical

behavior of the continuous slab casting mold during operation (5-9],

Significant elastic distortion
can occur during operation at elevated temperatures without any measurable residual distortion of
the mold, when it returns to ambient temperature. Residual distortion is found only when

significant plastic deformation at operating temperature is allowed by the constraint system.

The air gaps that form due to shrinkage in the corner regions of the slab are very small,
(only a few tenths of a millimeter), but have a great effect on heat transfer from the shell to the
mold B 191 Mold taper to compensate for the shrinkage is on the order of a few millimeters over
the length. Thus, even a small mold distortion could have a significant effect on heat transfer.
Mold distortion could also accelerate wear between the mold parts and the strand, leading to
reduced mold life. Mold distortion coupled with wear is an important factor in the formation of
break-outs and has also been linked with longitudinal corner cracking and thomboidity in billets [1-
4. The mechanical interaction with the weak, solidifying steel shell could induce undesirable
shape distortion, crack formation or other quality problems. The distortion of the mold arises
mainly due to the non-uniform heating of the mold walls during operation which in turn causes
high thermal gradients resulting in differential thermal expansion. The accompanying thermal

stresses may cause permanent creep deformation in parts of the mold, especially near the meniscus

region where the temperature gradients are large. Itis thus desirable to understand the thermal and
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mechanical behavior of continuous casting slab molds. The work reported here is based on the

[11]

paper-” " presented at the 1st European conference on continuous casting, at Florence Italy.

4.2 PREVIOUS WORK

Several significant studies have applied mathematical models to understand the thermal and

[1-4], Samarasekera et al. [1- 3], developed an alternating

mechanical behavior of billet molds
direction implicit finite difference heat conduction model, combined with a finite element stress
model to predict the temperature, distortion, and stress fields in a billet mold wall under different
operating conditions. During operation, molds were seen to assume a characteristic shape in the
longitudinal direction, which corresponded to the mold temperature. An outward bulge was found
at the meniscus region, with a maximum distortion of 0.1 to 0.3 mm at 90 mm below the
meniscus. Above the meniscus bulge, the mold wall assumed a negative taper of 1-2 %/m, while
a positive taper of .4%/m was produced below (31 Strains were greatest near the meniscus and
were significantly affected by the meniscus level and the type of mold constraint. Negative taper
of the mold due to distortion was found responsible for transverse depressions and cracks. Other
problems including billet rhomboidity and corner cracks were attributed to asymmetric mold
distortion, which was caused by asymmeiric boiling heat transfer and made worse by insufficient

mold constraint [1].

This predicted behavior was confirmed by monitoring mold movement in an operating billet
machine 1. Predicted values of distortion compared favorably with values measured by linear
displacement transducers, except in the meniscus region. Industrial observations also showed that
permanent plastic deformation was reduced by increasing the degree of constraint holding the top
of the mold tube (from two to four sided clamping), and by lowering the meniscus level.
Furthermore, increasing mold wall thickness increased both peak wall temperature and local
distortion, causing higher stress levels. Increasing water velocity reduced both wall temperature

and distortion. In conclusion, thermal distortion of the mold, as influenced by mold geometry,
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temperature, and constraint, is a critical concern in avoiding quality problems in billet casting.
Similar quality problems also arise from the thermal distortion of the slab mold 2!, but the

behavior of slab molds during operation is not yet fully understood.

Hashimoto et al. [ have conducted one of the few studies of temperature, thermal stress
and mold plate deformation in slab casting molds using a finite element model. They included the
effects of creep and predicted a permanent 0.1 to 0.2 mm contraction of the wide face after
repeated thermal cycling, depending on the copper properties. Thinning of the mold plate was
found to reduce the temperature and thermal stress resulting in less distortion of mold plates. They
also observed that the presence of horizontal water slots had little effect on mold plate deformation
and as such should be omitted from the design. The roots of the vertical water slots were found to
act as sites for stress concentration and potential cracking (6] This occurrence was predicted to be
greatly reduced if the roots are rounded. Constraints (through clamping forces), mold temperature

and creep deformation were all found to be important to slab quality and mold life.

Tada et al. [7] studied the factors affecting the performance and service life of continuous
casting slab molds. Care in choosing mold clamping forces and plating the mold with Ni-Fe or Ni-
W-Fe was reported to triple the mold life. They also emphasized the importance of designing and
maintaining the cooling water delivery system to ensure high, uniform velocity in each cooling
channel. This reduces creep-deformation of the mold and improves uniformity of heat transfer,

with resulting quality improvements.

The present study aims to accurately predict slab mold distortion during operation as a
function of design and operating variables, using realistic assumptions for both the thermal

boundary conditions and mechanical constraints.

4.3 MOLD CONSTRUCTION

To understand the model and the distortion calculations, it is important to know how a slab

mold is constructed and constrained. Figures 4.1-4.3 show different sections through the mold,
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which consists of several connected parts, including the two wide face copper plates and two
narrow faces. This construction allows movement of the narrow faces to form a mold cavity of the
desired width. The narrow faces can usually slide between the wide faces during operation and are

held in position accurately through inclinometers, to control mold taper.

Each mold plate is bolted to a welded steel enclosure or "water box" , which controls
circulation of the cooling water needed to dissipate the heat absorbed by the mold during operation.
The water boxes also contain internal reinforcing plates to provide extra stiffness to restrict their
movement. Cooling water channels are machined vertically in the back of the copper plates, as
shown in Figure 4.3. The water enters the channels from the bottom and leaves at the top. The

plates are connected to the water boxes with evenly-spaced bolts placed every 4 - 6 slots,

depending upon the design.
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Figure. 4.1 Cut away section of the slab mold.
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Finally the mold assembly is clamped together at four positions on the back of each water
box, as shown in Figures 4.1 and 4.2. The clamping forces are provided with the support of a
huge, steel frame that surrounds the entire mold. The narrow faces can usually slide between the
wide faces during operation and are held in position through adjustable spring loading devices with
inclinometers that also control mold taper. In contrast, a billet mold consists of a single piece thin
walled tube held with in an outer box. Water flows through the space between the tube and box.
A bloom mold is machined from a solid copper block, so likely behaves in a similar manner to the

billet mold.
4.4 MODEL FORMULATION

To investigate the mechanical behavior of the continuous slab casting mold during
operation, a 2D and a 3D finite-element thermal-stress model of a typical slab mold have been
developed. The 3D model calculates temperature, displacement, and elastic stress distributions in
one quarter of a typical slab casting mold (assuming two-fold symmetry and ignoring curvature),
under steady-state operating conditions. A similar two-dimensional finite element model of the
shaded region in Figure 4.3 was used to study the steady state temperature and stress distribution

in transverse sections through the mold.

4.4.1. HEAT TRANSFER MODEL

The heat transfer model is based on the Fourier law of heat conduction and for steady state
conditions is given by
¥+ (XVT) =0 4.1
where K is the thermal conductivity of the material. The finite element form of the steady-state
heat conduction equation along with appropriate boundary conditions is solved to yield the
temperature distribution in the mold under operating conditions. Two separate models were
developed to study thermal and mechanical behavior. A 2D model of a representative piece of the
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mold was developed to examine the local effects of the water channels on the heat transfer as well
as stress distribution. A 3D model was developed to study the overall behavior of the entire mold.

Each model is described separately below.

4.4.1.1 2D MODEL

The 2D model was developed out of a slice at the center of the wideface near the meniscus
region as shown by the shaded region in Figure 4.3. The actual geometry of the water slots and
the position of the bolts were incorporated into the model. The computational domain was
discretized with 4-noded quadrilateral elements as shown in Figure 4.4. Both a fine mesh with slot
geometry and a coarse mesh without a slot were used. For the coarse mesh, the water slot was
approximated by a convecting surface at the common boundary of two elements as shown in
Figure 4.4, extracting approximately similar amounts of heat as the water slots. The validity of

this approximation is the basis of the 3D model.

4.4.1.2 BOUNDARY CONDITIONS

The heat transfer boundary conditions for both the fine and coarse mesh are shown in
Figure 4.4. Mathematically it can be represented as :
At x =725 mm for 0 £y £ 60 mm ¢ = 0 (insulated)
At x =801 mm for 0 < y £ 60 mm q = 0 (insulated)
At y = 60mm for 725 mm < x <801 mm q =0 (insulated)
At y=0 for 725 mm < x <801 mm q=2.68 MW m=2.

Inside water slots for all element surfaces we have convective boundary condition as

q =h (T -Teo) where h = 35000 W m-2 K-1 and Too = 15 °C.
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4.4.1.3 3D MODEL

The 3D model was developed using a quarter section of the slab mold utilizing the two-fold
symmetry of the geometry neglecting curvature and taper. The computational domain was
discretized with 8-noded brick elements for 3D analysis. Heat was input to the exposed surfaces of
interior mold elements as a function of distance both down and across the mold. Each cooling
water channel was represented simply as a boundary between two appropriate elements within the
mold which was treated as a convective heat transfer surface similar to that shown in Figure
4.4(b). This allowed a relatively coarse, but carefully-designed mesh to extract the correct total

amount of heat from approximately the right places in the mold, as shown in Figure 4.5.
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4.4.1.4 BOUNDARY CONDITIONS

The boundary conditions used in the simulation are illustrated in Figure 4.5. Heat flux into
the hot face was varied as a function of position both across and down the mold, to account for the
known drops in heat flux near the bottom, narrow face and corners of the mold. The functions for

[13-15] and are shown in

heat flux down the mold for were derived from available measurements
Figure 4.6. Figure 4.6 shows the variation of heat flux with position down the mold at various
locations on the hotface. Standard conditions, based on Savage and Pritchard (13} included a peak
heat flux of 2.7 MW/m? at the meniscus, located 84 mm below the mold top at the center of the

wideface. A "high heat flux" condition, based on data from Samarasekera and Brimacombe!14]
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Figure 4.6 Hotface heat flux at the symmetry plane as a function of position in mold.

reached 3.8 MW/mZ2. Heat flux at the narrow face and corners was reduced to 62% and 25%

respectively, of the nominal wide face values. To simulate the air gaps formed at the corners
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during casting, the heat flux across the wideface was increased from 25%(of the nominal wideface
values) at the corner to 62% at 31 mm from the corner and to full 100% at 93 mm from the corner
and beyond. Along the narrowface the heat flux was varied from 25%(of the nominal wideface
values) at the corner to 62% at 31 mm from the corner and beyond. These values are based on the
data from Grill et al. 101, The heat transfer coefficient on the water side was taken to be 0.035
MW/m2K for standard conditions and 0.02 MW/mZK for the high heat flux practice. The standard

conditions are based on the experimental calculation of Sliecher and Rouss (16]

assuming a water
velocity of 8 m/s and neglecting boiling. At the interface where the narrowface touches the
wideface (see Figure 4.5), heat transfer is properly accounted for through a convective boundary
with a heat transfer coefficient of 0.000015 MWm2K. The ambient and water temperatures were

assumed to be 35 and 15 °C respectively.
4.4.2. STRESS MODEL

The basic governing differential equations for the stress model are given in the Appendix F.
The present results are done mostly for elastic analysis only, the effects of creep and plasticity are
neglected since in most cases the stresses in the copper plates were found to be below yield
stresses of most mold materials. However, it is expected that at high temperature the material will
creep a considerable amount resulting in a change of the behavior. One simulation was carried out

to include the effects of creep and plasticity and will be discussed in a last section.

4.4.2.1 2D MODEL

The stress calculations were carried out using the same mesh as the heat transfer model.
Four-noded quadrilateral elements were also used for the stress analysis. A more realistic stress
state, namely the generalized plane strain condition (constant strain in the out-of-plane z-direction
and zero rotation of the plane with respect to the in-plane directions x,y) was used for the 2D stress

analysis. This stress state has been found to be the most accurate stress state for 2D thermal stress
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(17, 18], Special elements (GPE4) with three additional degrees of freedom (one

problems
translation and two rotation) were chosen to do this. Moreover, the elements in the plane are
prevented from rotation about the in plane axes x and y. This can be expressed as

gz =constant for 725 mm £x <801 mmand 0 <y <60 mm and

Mx=}£ y6zdA = 0

i
o

My=‘£ x Gz dA

In ABAQUS the latter two conditions are achieved by explicitly setting the rotational degrees of

freedom of each element to zero.
4.4.2.2 BOUNDARY CONDITIONS

The boundary conditions for the 2D models are shown schematically in Figure 4.4.
Mathematically these can be represented as
Atx=801 mmfor0<y<60mm, u=0
Aty=60mmfor 725 mm <x <801 mm, v=0

Atx=725mmfor0 <y <60 mm, u=constant.
4.4.2.3 3D MODEL

To perform the stress calculations, the 3D domain is divided into four separate meshes, for
the mold coppers and steel backing plates. They are coupled mathematically only at those points
where they connect mechanically in the caster during operation. The same mesh of eight-noded
brick elements with 2x2x2 Gaussian quadrature is used in the heat flow and stress models, which
neglects any potential effect of the cooling water channel spaces on distortion and stress. Different
slab widths are achieved simply by changing the location of the contact points of the narrow and

wide faces.
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4.4.2.4 BOUNDARY CONDITIONS

Boundary conditions for the 3D stress analysis are shown in Figure 4.5. Symmetry planes
at the narrow and wideface centers are mechanically constrained to prevent normal displacements.
The wide face copper plate is bolted to the back of the water box at 30 locations, while the narrow
face is bolted to its backing plate at 6 locations. Two-noded bar elements were used to connect the
back of the copper plate with the far back of the water jacket, in order to properly account for the
19mm diameter restraining bolts. Since there are no threads in the water jacket itself, the bolt
elements are constrained only to move vertically and horizontally with the water jacket front face.
However, they are free to be pulled outward by the expansion of the copper. Mathematically this
can be represented as the displacement constraint at the copper plate & water box interface in the
location of bolts, for example on wideface,

u = u
copper steel

w = W
copper steel

Some molds include slots for bolts, instead of holes. For these molds the relative displacements of
the bolts normal to its axis will not be fixed as the bolts are free to move in the slots. Loads
representing one side of the mold clamping forces are applied at the two appropriate locations on
the exterior of the backing plate, as shown in Figure 4.2. The values of these loads are 8.9 kN and
22.2 kN at 0.658 m and 0.154 m from the bottom of the mold respectively. Ferrostatic pressure
loads were applied over all of the inside surfaces. Finally, the top and bottom of the copper wide
faces had to be constrained from moving into the water box under deformation. Thermal
expansion loads are then applied to each node in the domain, based on the previously calculated

temperature increases from the ambient temperature of 35 °C.
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4.5 SOLUTION METHODOLOGY

The commercial package, ABAQUS (191 was used for the finite element computations of
heat transfer and stress analysis. The generation of the finite element mesh and post-processing of
results employed PATRAN [20] 51 a Silicon Graphics Personal Iris workstation. The finite element
equations of stress analysis are solved uncoupled with the heat transfer calculations, by a
wavefront solver in ABAQUS (191 Based on the solution of the heat transfer equations, thermal
loads are applied at each node to get the displacements, strains and the resulting thermal stresses.
The average CPU time for the full 3D heat transfer analysis is about 89 sec. while that for the

elastic stress analysis is about 267 sec. on a SGI 4D35 workstation.

4.6 RESULTS

Typical results from the 2-D model are shown in Figures 4.7 and 4.8. Figure 4.7 shows
temperature contours in a section of the wide face taken near the meniscus region. Figure 4.8
shows the temperature profile calculated through the mold thickness at the location of highest
temperature, about 20 mm below the meniscus. Results such as these are useful in designing

cooling water slot geometry (6, 211,

These ﬁ‘gures show that a linear temperature gradient is
established within most of the copper plate except at locations in-between the slots where the heat
transfer is two dimensional. As seen from Figure 4.7 the hot face position across from each bolt is
about 15°C hotter than the adjacent surface, since a missing cooling water slot is replaced by low-

conductivity steel.

Figure 4.8 also compares the results of 2D and 3D analysis. The 3D results here, are based
on a constant heat flux of 2.68 MW/m? all through out the hot face. It can be seen from Figure 8
that the temperature distribution for the 3D analysis is much closer to that of the 2D analysis in the
region in between water slots, for most parts of the copper. These results also validate the

assumption made about simplifying water channel geometry in the 3D model.
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Figure 4.7 Temperature contours with section of the mold plate assembly (2D)
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Figure 4.8 Temperature distribution through the mold thickness (at center of wideface)
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The 3-D model just described was used to calculate temperature, displacement, and stress
in a typical mold, under conditions given in Table 4.1. Figure 4.9 shows the complete 3-D mesh,
temperature contours, and distorted shape of the mold, magnified 10 times. The hot face against
the solidifying shell heats to over 300 °C, while the cooling water channels keep the cold face and
the entire steel backing plate below 100 °C approximately. This is typical of the values measured
in practice and predicted with previous models [6,14,21] ' In the absence of a proper interfacial
boundary condition (where the narrow and the wide copper plates meet, see Figure 4.5), the
hottest spot in the mold tends to form along the corner of the narrowface. The missing water slot
on the narrowface copper plate at the location of bolts and the presence of an adiabatic boundary at
the interface, tend to increase the temperature at the corner of the narrowface. Incorporation of
proper convective boundary condition as mentioned in the model formulation section, shifts the
hottest spot on the wideface center opposite to the bolt as seen in Figure 4.9. Similar observations
by Lonsbury et al. (22} have led to improved mold design. Also shown in the figure are the three
slices of the distorted mold taken at the meniscus, middle and bottom locations of the mold. This
distorted shape is used in the finite element model CONCAST as a boundary condition for
checking mold penetration as discussed in section 3.3.3.1. The initial shape of the domain in this
model is taken as the distorted shape of the mold cavity at the meniscus as shown in Figure 4.9.

A transverse section at the middle is shown in Figure 4.10 and compared with the original
outline. Figure 4.11 shows a longitudinal section at the wide-face symmetry plane. These results
provide insight into the behavior of the mold during operation. The hot face side of each copper
plate attempts to expand more than its cold, water-cooled side. In addition, the copper plate is
constrained by bolts to the outside of the cold, stiff steel water box. These effects force the entire
wide face to bend inward toward the liquid steel, acting like a bimetallic strip in both the vertical
and horizontal directions. A maximum distortion of 0.7 mm is predicted to occur near the very
center of the wide face hot face for standard conditions. In addition, compressive stresses are
produced in the copper hot face, offset by tension in the colder copper and steel interior.

Figures 10 and 11 show that the bending copper plate pulls on the initially unstressed bolts

and stretches them. The tension on the outside of the water box is sufficient to distort it inward

82



TABLE 4.1 STANDARD SIMULATION CONDITIONS

Mold geometry Cu plate thickness
Water slot depth
slab width
mold height
other dimensions

Copper properties Elastic Modulus
Density
Thermal expansion coefficient
Thermal conductivity

Steel Properties Elastic Modulus
Density
Thermal expansion coefficient
Thermal conductivity

Heat Flux (MW/m?2)

Water inlet temperature

Ambient temperature

Water Convection co-efficient
Clamping force

Ferrostatic pressure

60 mm

20 mm

914 mm (36")
700 mm

See Figs. 3 and 5

117 GPa

8940 kg/m3
17.7 x 106 °C-1
374 W(m°C)-!

200 GPa

7860 kg/m3

11.7x 106 °C-1

49 W/(m"C)

See Figure 5

15°C

35°C

35 KWm2K-!

8.9 KN atz=0.658m
222KNatz=0.154 m
pg (0.7 - z)

also. A thin gap that opens between the copper and water box as the bolts stretch, was found to

close if the bolts are pre-stressed. Since the narrow face is connected to the wide face only through

clamping pressure, the wide face is free to rotate around the expanded narrow face, touching the

narrowface at only one point. This causes the far edge of the wide face to rotate outward relative to

its original position.

The predicted distortion is due almost entirely to thermal strain in the copper. A parametric

study was next undertaken to determine the effect of various casting variables on mold distortion.
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Figure. 4.11 Distortion showing a gap formed between the copperplate and the steel backing plate
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4.6.1 EFFECT OF HEAT INPUT

Heat flux input to the mold changes according to the casting speed, steel grade, mold
powder, and other factors. To investigate the combined effects of all of these variables on
mold distortion, model simulations were conducted at two different levels of heat input, as
mentioned earlier. Figure 4.12 shows that a higher heat flux practice produces higher temperatures
and corresponding higher distortion of the wide face plate, as one might expect. Casting speed,
powder type, oscillation frequency, stroke length and taper have all been reported to affect mold
distortion 8], The present model results are consistent with the explanation that all of these
variables influence distortion solely by changing the heat input to the mold. For example, Carlsson
et. al (8 reported a strong correlation between increased oscillation frequency, increased total mold
heat transfer, and increased mold distortion. It should be noted that factors that increase heat flux

are likely to increase interfacial friction in addition to mold distortion.
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Figure 4.12 Temperature and distortion of the wideface copper plate at symmetry plane
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4.6.2 EFFECT OF SLAB WIDTH

Moving the narrow face to cast a wider slab produces a significant increase in mold
distortion. This can be seen in Figure 4.13, which compares the calculated distortions of the
outside backing plate for 914 mm (36") and 1320 mm (52") wide slabs. Wider slabs experience
more distortion since the larger surface area for heat input produces more total bending strain in the
wide face. The shape is less affected, as the same pattern of maximum distortion just above half-

way down the mold can be observed.
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Figure 4.13 Distortion of the wideface backing plate as a function of the distance
across and the slab width.

4.6.3 EFFECT OF MOLD PLATE THICKNESS

The effect of copper plate thickness on the distortion was studied by decreasing the

standard copper plate thickness from 60 mm to 40 mm, while keeping the dimensions of the water
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channels the same. Hot face temperature is directly proportional to mold thickness. Figure 4.14
compares the predicted temperature and distortion in a 1320 mm mold with 40 mm and 60 mm
thick plates. The smaller resistance to heat flow through the thinner plate decreases its hot face
temperature, which produces a corresponding decrease in distortion and thermal stress. This
agrees with results reported by Samarasekera et al. 131 in billet molds and Hashimoto et al. ! in
slab molds. Other results showed that a thinner mold produces more temperature variation across
the hot face because heat transfer is more influenced by the missing water slot at each bolt. Bolt

pre-stress also has a greater effect on the peak stress generated in thinner molds.
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Figure 4.14 Effect of mold plate thickness on the temperature and distortion

4.6.4 EFFECT OF BOLT PRE-STRESS

Pre-stress in the bolts increases the peak stress on the hot face by 2% for a 40 mm thick
mold plate and less than 1% for a 60 mm thick plate. However, it has a larger effect on the stress
in the vicinity of the bolts on the cold back of the copper plate. Here, the stress increases by about

50% for 60 mm plate or 25% for 40 mm plate. The effect on hot face distortion is very small, as
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the back of the water jacket simply moves closer to the copper reducing the gaps that are formed
between the copper plate and the backing plate (see Figure 4.10 and 4.11) when the bolts are not

pre-stressed.
4.6.5 STRESS LEVELS

The results of 2D stress analysis is shown in Figure 4.15 and 4.16. Figure 4.15 shows the
x-stress contours in the domain, which suggest that the hotface copper is always in a state of
compressive stress while the cold backside is under tension. Higher stress concentration near the
water slots are mainly due to notch effects. During thermal cycling, fatigue cracks may initiate at
the root of water channels. In some mold designs rounding off the sharp corners have prevented
the cracking problem at the root of water channels 61 Figure 4.16 compares the out-of-plane z

stress for the 2D results to that of the 3D analysis. These results suggest that although the 3D

H

Figure 4.15 Stress (0x) distribution in the domain for 2D analysis with water slot geometry
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Figure 4.16 Comparison of z-stress for the 2D and 3D analysis

model is relatively coarse, it can still predict reasonably accurate stresses and distortion for the

mold copper plates.

Figure 4.17 shows the Von Mises effective stress distribution superimposed on the
distorted shape of the mold. These calculated stresses are always less than about 400 MPa. This
indicates that the mold will return to its original shape after casting with negligible permanent
distortion if the yield strength of the copper is higher than this. However, copper strength varies
greatly with temperature and composition. These predicted stresses exceed the yield strength of
unalloyed copper, which is around 200 MPa at the peak temperature. Thermal cycling over several
hundred heats of operation, as is common practice, can allow creep to build and even induce
metallurgical changes in the copper. Residual creep distortion is most likely at the points of highest
temperature and stress, which occur along the hot face surface of the wide face just below the

meniscus region. The high compressive stresses produced here during operation then become
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tensile residual stresses after cooling. The 'spring back' found at the edges when detaching the

copper mold plates from the water boxes is an indication of this residual stress.

o eyt
I i -
barsAd ‘ ’

Wit 2

Figure 4.17 Von Mises Stress (MPa) distribution in the mold along with the distorted shape.

A good deal can be learned from these elastic distortion calculations. If the mold copper is
sufficiently strong and creep resistant to withstand maximum elastic stresses, then a plastic
calculation is not necessary. Permanent plastic deformation would not be found as the elastic
stresses would completely relax upon cooling to ambient temperature. Hi gh strength copper alloys
often have yield strengths greater than 400 MPa at the highest operating temperatures 231 Thusa
copper alloy with higher creep resistance should perform better than regular copper, as long as it
does not have low thermal conductivity which would produce higher temperature and resulting

distortion.
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4.7 MODEL VERIFICATION

To verify these model predictions, comparisons with experimental measurements were
sought. The predicted mold temperature profiles are typical of many temperature measurements
that have been reported (6, 14, 21] Unfortunately, very few slab mold distortion measurements
have been reported in the literature. Work by Carlsson et. al. 8] was compared with predictions
from the present model. Distortions measured using displacement transducers located at four
different locations on the back of the fixed broad face [8! are included in Figures 4.10 and 4.13.
These measurements were carried out on a 1680 x 220 x 785 mm mold for 8-30 minutes of
casting, but distortions were found to stabilize to their steady-state values about 5 minutes after the
start of casting. The qualitative nature of the measured distortions is seen to agree with the
calculations: the mold shape becomes convex as it distorts inward towards the liquid at the center
of the wide face and outward at its extremities. Significant distortions were also reported in the
vertical plane (8] The measured convex shape again appeared similar to the model predicted shape
shown in Figure 4.11 and quantified in Figure 4.12. The magnitudes of the predicted distortions
appear to be somewhat large, but important experimental conditions, such as the slab size and heat

transfer factors (eg. casting speed) were not reported.

4.8 DISCUSSION

The 2D analysis of the section of the hotface copper plate has shown the heat transfer is
mostly one-dimensional, except in between the water channels. The presence of water channel
geometry in the model does not affect the hotface temperature very much. As shown in Figure
4.8, there is almost no variation in the hotface temperature in front of water channels and at
positions away from water channels. The local variation is only near water channels and needs
careful thermocouple analysis. This substantiates our assumption of not including the water slot

geometry in the 3-D model. Far below meniscus and near surface on the hotface, simple 1-D

92



analysis of thermo-couples can be used to reasonably predict the heat flux. Near the channels, as
seen in Figure 4.8, the 1-D assumption is no longer reliable and 2-D or even 3-D analysis is
needed. Near the meniscus a 2D vertical slice and near water slots a 2-D horizontal slice (as in the

present case) will be useful.

But for stress calculations, the water channel geometry has some effect on the stress
distribution in the domain. The geometry of the water slots (sharp corners) contributes mostly to
the large stress concentrations around the neck of the water slots. The tensile nature of these
stresses are the cause of cracks observed at the root of the water slots. Rounding off the corners
has prevented this problem in many mold designs. But the overall stress distribution in the solid
copper is not affected by the presence of water slot geometry as shown in Figure 4.12. The 2D
results for this analysis are very much similar to the 3D results. These facts suggest that much
insight can be gained from simpler models of complicated materials processing operations, such as

continuous casting.

The 3D thermal stress model of the slab casting mold has predicted distortions during
operation on the order of a millimeter. These hot-face distortions are greater than those calculated
by Hashimoto et al (6] who predicted distortions on the order of only 0.1 mm. However, their
calculations assumed the back of copper was held rigidly, and did not take into account

deformation of the water box and extension of the bolts.

It is interesting to note that the maximum distortion, which occurs half way down the mold,
does not correspond to the maximum temperature, which appears near the top of the mold, just
below the meniscus (Figure 4.15). Since the separate plates of the slab mold distort due to
bending, the maximum deflection is always found closer to the center of the plate. This is contrary
to experience with the smaller, thinner billet molds, where the maximum distortion always
coincides with the peak temperature (31, The difference arises because the copper billet mold is a
single unit and is not constrained by backing plates. When heated, it expands as a tube outward in

all directions in proportion to its temperature, so the peak distortion is found near the meniscus.
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This illustrates the importance of mold construction and constraint design to mold distortion

behavior.

The mold distortion predictions also have implications regarding mold wear, stress
generation in the shell and heat transfer. The thin line of contact between narrow and wide face is a
source of accelerated wear, particularly during width changes. As shown in Figure 4.18, the gaps
that open up in the corner along the junction between the narrow and wide faces are high near the
meniscus, and low near the mold exit. The gap of more than 0.1 mm at the meniscus is likely the
most serious, since mold powder could penetrate, freeze, and exacerbate mold wear. In addition,
steel can leak through this gap producing fins at the meniscus as observed by Lonsbury et al. (221

Combined with taper and shrinkage of the solidifying steel shell, mold distortion affects
formation of the air gap between shell and mold. Even a small distortion could have a significant
effect on heat transfer across the interface. The most important measurement in this regard is the
difference between the distorted mold position at the meniscus, where the shell first forms, and the
distorted positions down the rest of the mold. Figure 4.19 shows that this difference increases
from zero at the meniscus to a maximum of almost 0.5 mm half way down, to roughly -.3mm at
mold exit on the wide face. This creates a slight negative taper over the bottom half of the mold
which exceeds the typical 0.1% taper employed on the wide face and may contribute to the
reduced heat transfer always observed in the lower portion of the mold.

This calculated shape of the mold surface is remarkably close to the natural shape of the
shrinking strand down the narrow face of the mold. As discussed in the previous chapter, separate
mathematical model of the solidifying, cooling and shrinking shell has been used to predict more
shrinkage of the shell at the top of the mold than near the bottom (31 Figure 4.19 compares this
calculated shape of the shell down the narrow face with the sum of the predicted mold distortion
and a typical linear taper (0.72%) used there. Mold distortion exceeds the shrinkage of the shell on
the wide face, so the shell is generally forced by ferrostatic pressure to navigate around the convex

mold surface. This distortion may also contribute to generating tensile stresses in the shell,

important to crack sensitive grades. In the center regions of the mold, the thin shell must bend first
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Figure 4.18 Distortion of the wide and narrowface along the line where they meet in the mold.
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inwards, and then outwards, to navigate around the bulge in the center of the mold. In the corners,
however, shrinkage of the shell combines with the mold distortion to create a larger air gap,
relative to an undistorted mold. These results suggest that mold distortion could have significant
impact on heat transfer and likely helps to create the hot spots on the off-corner regions of the slab

and associated defects [’ 10].

Finally, the results shown in this chapter were based on the elastic distortion of the mold.
Although the stresses in the mold plate are below the yield stress of various high strength copper
alloys used for mold material, it is believed that the mold material will undergo some creep
deformation at the high temperature operating for several hours. As such an elasto-visco-plastic
stress analysis was carried out on the mold using the yield strength and creep properties of regular
copper-zirconium alloy 24,251 For accurate prediction of the mold deformation during operation
experimentally verified creep and high temperature strength of the mold material are needed. At
present such data are scarce in literature. In this analysis the mold was loaded elastic-plastically
from room temperature to the steady operating temperature and was held at that temperature for
about 8 hrs and then cooled to room temperature. The deformation of the wideface at the
symmetry plane at various stages is shown in Figure 4.20. During the initial heating the mold
undergoes some amount of plastic deformation. The smaller yield stress values for pure copper
used in this case is responsible for the plastic deformation. It is expected that these deformations
will be almost negligible for high yield material. After 8 hours of creep holding at the operating
temperature the material undergoes small amounts of creep. Creep is higher near the meniscus
region where the mold is very hot. However, the distorted shape of the model does not change
much as compared to the elastic solution. As the mold cools to room temperature very little
residual distortion is observed in the mold plates. The elastic deformation values used in the
present model (CONCAST) can be viewed as an extreme case of mold distortion such as during a
high heat flux practice or during high casting speed operations.

In the casting of thin sections, which has been the focus of much recent research on net

shape casting processes, mold distortion will have an additional important effect on the final
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Figure 4.20 Progression of wideface distortion at the symmetry plane durig a casting sequence.

dimensions of the cast product itself. Without a great deal of rolling to control the final product
gage, these processes must rely on the accurate prediction and control of the temperature and shape
of the casting and mold surfaces. If these processes are ultimately to succeed, mathematical

models, such as the ones discussed here, will likely play an important role in their development.

4.9 CONCLUSIONS

A 3D thermal-elastic finite-element model has been developed of a continuous slab casting
mold and support structure using ABAQUS. The multi-piece construction of the mold makes it
behave very differently from the tube construction of billet molds. The mold plates distort inward
with maximum distortion found near center of wide face. Mold distortions on the order of a
millimeter have been predicted. This is sufficient to alter the effective taper of the narrow face, and

may partially compensate for non-linear shrinkage of shell. It could have a significant effect on
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heat transfer and growth of the shell also, particularly in the corners where the largest gaps form.
The junction between narrow and wide faces does not match exactly during operation as gaps open
up near top and bottom of corner edges, where solidified mold powder may get entrapped. Mold
wear is predicted to be worse on the corner of the narrow copper plate hot face, since this thin edge
must withstand the entire mold clamping force, plus endure wear during width changes and creep
deformation. Distortion increases for wider slabs and thicker mold plates. Increasing heat input
(from higher casting speed, more taper, changing mold flux, etc.) increases mold temperatures and
distortion. During operation at high temperature for several hours, creep deformations can reduce
the distortion of the slab mold, but in absence of better mechanical properties further conclusions
cannot be made. Stress calculations on the hotface suggest that residual distortion may be possible
in some low strength copper alloys and can be prevented through proper material selection and

design.

98



4.10 REFERENCES

1. I.V. Samarasekera and J.K. Brimacombe: "Thermal and Mechanical Behavior of
Continuous Casting Billet Molds", Ironmaking and Steelmaking, 1982, vol. 1, pp. 1-15.

2. L.V. Samarasekera and J.K. Brimacombe: "The Continuous Casting Mould", International
Metrals Review, 1978, vol. 23 (6), pp. 286-300.

3. I.V. Samarasekera, D.L. Anderson and J.K. Brimacombe: "The Thermal Distortion of
Continuous Casting Billet Molds", Metallurgical Transactions, 1982, vol. 13B (March), pp. 91-
104.

4, J.K. Brimacombe, E.B. Hawbolt and F. Weinberg. Metallurgical Investigation of
Continuous Casting Billet Molds, Part 1, Distortion, Fouling and Wear. Continuous Casting. 2:
73-84, 1984.

5. B.G. Thomas: "Application of Mathematical Models to the Continous Slab Casting Mold.",
Transactions of Iron and Steel Society, 1989, vol. 16 (12), pp. 53-66.

6. T. Hashimoto, K. Ohnishi, M. Yamaguchi, M. Kinugawa and M. Ueda: "An Analysis of
the Thermal Load of Mold Plates in a Continuous Casting Plant", The Hitachi Zosen Technical
Review, 1982, vol. 43 (3),

7. K. Tada, Kasai. S., A. Ichihara and Onishi: Improvements in Service life of Continuous
Casting Mold, Kawasaki Steeel, Report No. 17, 1987.

8. G. Carlsson, B. Brolund and R. Nystrom: "Measurements of Mould Distortion and Mold
Heat Flux in Industrial Casters", Journees Siderurgiques ATS, Paris, Dec. 6-7, 1989,

9. J. Azzi: Preliminary Steps in the Development of a 3-D Thermal-Stress Model of
Continuous Casting, Masters Thesis, University of Illinois at Urbana-Champaign, 1986.

10. A. Grill, K. Sorimachi and J.K. Brimacombe: "Heat Flow, Gap Formation and Break-

Outs in the Continuous Casting of Steel Slabs", Metallurgical Transactions, 1976, vol. 7B, pp.
177-189.

99




11. B.G. Thomas, A. Moitra, D.J. Habing and J. Azzi A.: "A Finite Element Model for
Thermal Distortion of Continuous Casting Slab Molds", 18t European Conference on Continuous
Casting, Associazione Italiana di Metallurgia, Florence, Italy, 1991, Vol. 2, pp. 2.417-2.426.

12.  D. Lorento: "Observations of Mold Wear Patterns from Continuous Casting", AIME
Electric Furnace Conference, New York, N.Y., 1981, Vol. 39, pp. 44-47.

13.  J. Savage and W.H. Pritchard: "The Problem of Rupture of the Billet in the Continuous
Casting of Steel", Journal of the Iron and Steel Institute, 1954, vol. 178, pp. 268-277.

14.  LV. Samarasekera and B.J. K.: "The Thermal Field in Continuous Casting Molds",
Canadian Metallurgical Quarterly, 1979, vol. 18, pp. 251-266.

15.  R.B. Mahapatra, B.T. Sellers and J.D. Young: "Influence of Slab Casting Practices on
Mould Heat Transfer", Steelmaking Conference Proceedings, Iron and Steel Society of AIME,
Toronto, Ontario, Canada, 1988, Vol. 71, pp. 423-432.

16.  C.A. Sliecher and M.W. Rouse: "A Convection Correlation for heat Transfer to Constant
and variable Property Fluids in Turbulent Pipe Flows", International Journal of Heat & Mass
Transfer, 1975, vol. 18, pp. 677-683.

17. M. Bourdouxhe, R. Charlier and S. Cescotto: "A Finite Element for Thermo-mechanical
Problems", 2nd Int. Conf. on Numerical Methods in Industrial Forming Processes, K.
Mattiasson,A. Samuelsson,R.D. WoodandO.C. Zienkiewicz, eds., A.A. Balkema, Rotterdam,
Netherlands, Gothenburg, Sweden, 1986, pp. 97-102.

18. M. Abouaf, J.L. Chenot and J.I.. Marcelin: "A Two Dimensional Finite Element
Idealization for Thermo-Elastic Deflection in Beams", International Journal for Numerical
Methods in Engineering, 1983, vol. 19, pp. 1453-1465.

19. ABAQUS: User's Manual, Hibbitt, Karlsson & Sorensen, Inc., Providence, RI, 1990.

20. PATRAN : User Manual - ver. 2.5, P.D.A. Engineering, Costa Mesa, CA, 1991.

21.  H.L. Gilles: 9th Process Techmology Conference, Iron and Steel Society of AIME,
Detroit, MI, 1990, Vol. 9. '

100



22.  T.J. Lonsbury, R.E. Fash and T.J. Russo: "Mold Copper Design Improvements Enhance
Productivity and Quality", 75th Steelmaking Conference, Iron and Steel Society of AIME,
Toronto, Ontario, Canada, 1992, Vol. 75, pp. 497-505.

23.  D. Salkiewicz: Brush Wellman, private communication, 1992.
24.  H. Gravemann: "Materials for Mold Liners for Continuous Casting of Steel - Present
Positions and Latest Trends", Presented at the Duisburger StranggieBstage, London, England,

1984.

25. Z.D. Jastrzebski: The Nature and Properties of Engineering Materials, John Wiley and
Sons, New York, NY, 1977.

101



CHAPTER 5
SIMULATION PROCEDURE

As mentioned in chapter 3 the present model links various other models such as coupled
heat transfer and fluid flow'!), thermal distortion of the mold[® and the interfacial gap heat transfer
model3! through its boundary condition. Thus before using the present model several other
models were run to set up the boundary condition. First of all, the coupled fluid flow heat transfer
model[.l] generates the superheat flux which is used as an internal heat source boundary condition
at the solid/liquid interface. For the heat transfer conditions at the outside surface of the shell, the
CON1D modell! (discussed in section 3.2.1.1) generates the thickness of the mold flux based on
the mold powder consumption and similar casting conditions. Finally, the 3-D thermal distortion
model™! of the mold described in chapter 4, generates the surface temperature and the distorted
shape of the mold, which is again used as a boundary condition for checking and prevention of
mold penetration by the shell. This completes the generation initial data necessary to run the 2-D

slice model developed in this work.

The simulation in the mold starts with the slice at the meniscus. The initial temperature of
the domain is kept at the pouring or the liquidus temperature depending on the method used for the
treatment of superheat flux as discussed in section 3.2.1.2. Figure 3.1 also shows the simulation
domain and a typical mesh. For spatial discretization for the heat transfer model, the nodes are
connected into a mesh of three-noded triangular elements while the stress model employs the same
nodes connected into six-noded triangles as shown in Figure 5.1. A flow chart of the overall

solution procedure is shown in Figure 5.2.

Knowing the temperature, stress and the gap sizes (initially all filled with liquid flux) from
the previous step (time t), the conductivity, the capacitance matrices and the thermal load vectors
are formed. The finite element form of the heat transfer equation (Eq. 3.7) is solved first for the

temperature distribution in the domain.
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Four 3-node Trianglar elements One 6-node Trianglar elements
Heat Transfer mesh Stress Analysis mesh

Figure 5.1 Heat Transfer and stress analysis meshes

The nodal temperature obtained form the heat transfer solution is then used to calculate the
stiffness matrix (Eq. A.23) and the thermal load vector (Eq. A.25). The force vector due to
incremental plastic strain (Eq. A.26), total ferrostatic pressure (Eq. A.27) and the total elastic strain
up to the previous time step (Eq. A.28) are evaluated and assembled. The forward Euler type
incremental plasticity algorithm used in this model is a combination of the “successive elastic
solution” technique of Mendelsont*! and the “initial strain” method of Zienkiewicz and Cormeaul™).
The implicit scheme is adopted from the visco-plastic scheme proposed by Glowinski and
Tallel®'which uses the ADI method of Douglas and Rachford!" for the integration of constitutive
equations and uses the two level integration procedure of Lush®®! for solving the non-linear system
of equations locally at the material integration points. The stress model is stepwise coupled with
the heat flow model. The solution alternates between the thermal and stress calculations as the slice
travels down through the strand in successive time steps. Numerical difficulties arise from the
many nested iterations required for convergence. First, iterative checks are required to prevent
mold penetration of any node on the shell. Next, iterations are needed for solving the non-linear
constitutive equations for the scalar incremental plastic strain, especially for the implicit scheme.

Finally iterations are required to ensure that the heat transfer through the shell/mold interface based
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Knowing total values of all variables ( T, d, €, o) at time t 74—
.

| Run HT model to calculate temperatures at t+ At |
|
| Assemble stiffness matrix [K] |

| Update all force vectors |

[ Solve for incremental nodal displacement, Auy Au vl
]

Check nodes for mold penetration

Fix nodal
displacement tou g,

Calculalate nodal incremental stress { Ac}& strain{Ag}

Update stress strain and displacements

Calculate Von Mises Effective Stress & Strain

Calculate incremental plastic strains from
constitutive relations and Prandtl Reuss eqn

Truncate incremental plastic strain to % of t=t+ At
the total effective elastic strain if necessary

Does heat transfer through
the gap differ by > n d%

Improve estimate of gap size
based on relaxation of 8 %

Figure 5.2 Flow chart of the overall simulation procedure for Explicit method
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on the gap calculated by the stress model at the end of each step are consistent with that based on

the assumed gap in the heat transfer calculations.

The finite element form of the equilibrium equation (Eq. 3.21) is then solved for
incremental in-plane nodal displacements and out-of-plane strain using the Choleski solution
routine!®). Before calculating the incremental strains or stresses, a check is made to see if any node
has penetrated the mold. Spring elements are added to those nodes that tend to penetrate the mold
and the procedure is repeated until no node violates the penetration criteria explained in section
3.3.3.1. During each iteration spring elements are added to the selected nodes using the procedure
explained through Eq. 5.4 and 5.5. A tolerance of 0.01 mm is set for the node penetration.
Although this method does not completely prevent mold penetration, it allows only a little
interference without greatly influencing the shell displacement. Using this method, avoidance of

mold penetration required about three to five iterations each time step.

After convergence has been achieved within the time step, incremental strains (Eq. B.1)

and stresses (Eq. B.4) are calculated. Finally, the total vectors are updated to begin the next time

step, t+At, as in:
{ugear) = {ug} + {Au} {oteat)} = (01} + (Ao} {ereat) = (&) + (A} 5.1

To derive the finite element equations, a quadratic displacement element, which offers better
accuracy than constant strain triangles for solidification stress problems,[lo] is used. Further
details regarding the derivation of the finite element equations and expressions for calculating the

various terms are given in Appendix A and B.

The time step size used in the calculations is based on the following criterion for the

optimum time step size, At, which was found by comparing model predictions with an analytical

solution to a test problcm[1 1,

0.3 pCp(Ax)2
= k

At (5.2)
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Here, Ax is the size of the smallest element in the direction of heat flow and the material properties

are evaluated just below the liquidus temperature.

The procedure for the plasticity convergence and interfacial gap heat transfer convergence is

discussed below.

5.1 PLASTICITY CONVERGENCE
5.1.1 EXPLICIT SCHEME

In the explicit scheme, incremental plastic strain for the next step is evaluated after
updating the stresses in the element. The constitutive relation in Eq. 3.25 is used to find the scalar
increment of inelastic strain, Agp. For explicit time-integration schemes, both accuracy and
stability deteriorate with increasing time step size [Zienkiewicz, 1974 #73]. Zienkiewicz and
Cormeau [Zienkiewicz, 1974 #73], suggest that stability requirements can be met by limiting the
maximum increment of inelastic strain at each node to a small fraction of the total accumulated

strain :
Aep <B T (5.3)

where E, the effective strain is given by

1

e 2
E C2(14V)

\/ (ex-€y)2 + (Ey-€2)2 + (€,-8x)2 + 6 Exy

(5.4)

and f is in the range of 1 - 15%. In the present simulation the optimum value of § was found to be
5%. This criterion was checked at each iteration and, if necessary, satisfied by limiting the
inelastic strain as per Eq. 5.3. To limit the maximum size of Agp, a truncation routine in the
program forces the value of Agp at every node to satisfy Eq. 5.3, and issues an warning that
inelastic strains of those nodes are not as large as they should be. This truncation procedure has

been found to be useful and does not affect the solution in the solid part of the domain.
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5.1.2 IMPLICIT SCHEME

For the implicit scheme, the non-linear equations Eq. 3.36 - 3.37 are solved iteratively. A
two-level scheme proposed by Lush!8] was used in the formulation. The overall flow chart of the
implicit scheme is shown in Figure 5.3. The main difference between the two schemes is in the
integration of the visco-plastic strain rate to obtain the incremental plastic strain which is applied as
a force vector as in the "initial-strain" method proposed by Zienkiewicz® 12! for visco-plasticity.
A converged solution plastic strain increment at every Gauss point is obtained before updating the
global force vector. Since only two unknowns were solved for, the convergence is usually faster
and there is no need for any iteration for the global finite element system. The convergence criteria

used for the simulation is based on Eq. 3.36 and 3.37 and can be written as

%n+l -og¥*n+l 4 é@@.f(én+l ,%pn+1 ) At
2(1+v)
No = <105  (5.7)

o'*n+1

A A A
g+l - g n . f(ogn+l g on+l) At
and ne= | &2 - €p” - £ B) <105 (5.8)
Epn

5.2 INTERFACIAL GAP COUPLING

In the mold region, coupling allows the heat flow model to determine the heat flux across
the mold/shell interface based on the gap thickness calculated by the stress model. Within each
time step, iterations are performed to ensure that the heat transfer is consistent with both assumed
and calculated gap size. In this way, coupling between the thermal and the mechanical models is

achieved by ensuring that the size of the interfacial gap and the heat flux through it are consistent

t

between the models. The heat flow model starts with the previous gap size, dgap' A new gap size

is then calculated after the stress model has solved for the new displacements. At the end of the
stress analysis at each time step, the heat flux(q”(a")) leaving every node on the slab surface, based

on the assumed (d*), is compared with the value(q”(d¢')) based on the new gap size(dl) :
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]
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Figure 5.3 Flow chart of the overall simulation procedure for the Implicit method
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l q”(d) - Y q7(d) < ng (5.7)

> Q@)

where the summations are carried out on the slab surface nodes along the interface. If this
convergence criterion is satisfied, the program continues to the next step. If not the time step is

repeated starting with a better guess on the gap size as per Eq. 5.8 :

di*l =9 di+ (1-6) d' (5.8)
with 6 = 0.6 was used for the present calculations.

The thermal calculations were found to be only a small part of the computing time with a
coupled run. Table 5.1 lists the number of iterations the program takes during a time step as well
as compares the CPU time for the complete simulation through the mold. A complete coupled
simulation through the mold takes about 10 hours of CPU time on a Silicon Graphics Personal Iris
workstation or about two hours on a CRAY-2 super computer for the explicit method. The

computation time for the implicit scheme is almost 5 times smaller than the explicit one.

Table 5.1 List of various convergence criteria and comparison of CPU times.

. Algorithm Iteration Convergence/Tolerance
1. Shell/Mold Contact 3-5 Om = 0.01lmm
2. Plasticity 5-10 No =Me = 10
3. Gap Heat Transfer Coupling 1-2 N4 = 0.05
Complete in mold Time Step CPU Time
Simulation
1. Explicit 0.025 - 0.1 sec 20 - 24 hrs
2. Implicit 0.1 - 0.2 sec 4.1 -4.3 hrs
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CHAPTER 6
MODEL VERIFICATION

Rigorous verification in several ways is a crucial part of the development of a complex
model. The predictions can only be trusted to the extent that the model has been validated. The
internal consistency of the stress model has been validated using analytical solutions of several test
problems as well as experimental measurements reported in the literature. Four relevant ones are

presented here.

6.1 CYLINDER UNDER INTERNAL PRESSURE

The first test problem is a steady-state creep analysis of a thick-walled cylinder under
internal pressure used to validate the 2-D elasto-viscoplatic and pressure procedures. Utilizing
only two-fold symmetry, a quarter of a 2-D slice through the cylinder was modeled. The finite
element mesh of the domain along with the boundary conditions is shown in Figure 6.1a. The

domain was discretized with 100 linear strain triangular elements. The stress analysis simulated

CONCAST (Inside)
- = = ==« CONCAST (Outside)

1100

- 1000 [Elastic Solution (inside) ©  Greenbaum (inside)
- . @  Greenbaum (outside)
= 900
% 800 Steady State Son (inside)
: -
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Figure 6.1 (a) Finite element mesh and boundary condition for cylinder under internal pressure,
(b) Comparison of CONCAST solution of Stress history in the cylinder under internal

pressure with that of Greenbaum and Rubinstein [,
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100 hours of creep using the conditions and steady state creep law investigated by Greenbaum &
Rubinstein™). The steady state creep law was integrated using the explicit (forward Euler) time
integration scheme discussed in chapter 3. The Von Misses effective stress on the inside and
outside of the cylinder is plotted as function of time and compared with the Greenbaum &
Rubinstein{!! solution and the steady state analytical solution in Figure 6.1b. It can be seen that the
model predictions are in reasonable agreement with the analytical solutions. The 3 % error in the
initial elastic solution is likely due to the relatively coarse mesh used, however, the steady state

solution had less than 0.1% error.

6.2 TENSILE TEST PROBLEM

The second test problem involved a tensile test under constant strain rate as shown in
Figure 6.2. The simulation was carried out using a two 6-node element mesh with a time

dependent fixed displacement boundary condition to verify the plasticity algorithm of CONCAST

= = CONCAST (Temp = 1100 °C)

VT 7T T T T -

[ o

25 | E

= 20} -
S i .
;_, i
w 15 ]
2 i
= ]
7 0] O = ]
10F o~ O Wray data 7

) CONCAST (Temp = 950 °C) ’

5 O  Wraydata 4

0 05 1 15 2 25 3 35 4 45 5 55

Inelastic Strain [%]

Figure 6.2 Tensile test curves calculated from CONCAST at different temperatures (compared
with Wray data [2]).
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on the constitutive equation of Kozlowskil>!. Figure 6.3 shows the tensile curves generated at two
different strain rates. As compared to the measurements by Wray [2], the model is able to
characterize the mechanical behavior of austenite including strain rate variations. The inaccuracy at
strains less than 2% is within 5% and is due to fit of the constitutive equation. The curves match
those generated by Kozlowskil’] through numerical integration. So the part of the algorithm is

acceptable. These strains and strain rates are most important to continuous casting.
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Figure 6.3 Tensile test curves at different strain rates calculated for the constitutive equation used
for continuous casting simulation at 950 °C for 0.005%C steel (compared with Wray

2] tensile data).

6.3 CREEP TEST PROBLEM
The third test problem involved creep deformation of a tensile specimen under constant
load. The same two six-node element mesh as in the tensile test was used with a constant surface

load boundary condition. The tensile creep test was carried out at 1300 °C with a constant axial
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stress of 5.5 MPa and 7.1 MPa. The model calculated total strain increases with time and are
shown in Figure 6.4 along with the experimental creep curves measured by Suzuki et al. (4] The
model is seen to produce acceptable behavior at small strains and short times which are of interest
to this work. Moreover, the CONCAST simulated tensile and creep curves using fairly large time
steps (about 0.1-0.5 sec for tensile and 1.0 sec for creep)are also in good agreement with the
solution obtained by Kozlowski et al.l3l using a backward Euler type numerical integration scheme
with small time steps (0.001-0.01s). This proves the robustness of the new implicit scheme

currently used in the model.

7 1 ¥ ¥ ] I T L] ¥ ¥ I 1 T T L] l ¥ L] L ¥ ‘ 1 L ¥ t
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Figure 6.4 Creep test curves calculated with the constitutive equation at 1300 °C and compared
with Suzuki et al.1*] data,

6.4 1-D SOLIDIFICATION STRESS PROBLEM

The next test problem models solidification of a 1-D slab. The problem and the associated

boundary conditions are given in Figure 6.5 along with its finite element representation. Weiner
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and Boley[s] derived one of the few exact analytical solutions of thermal stresses during the

solidification. It assumes a condition of constant generalized plane strain in a semi-infinite elastic
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Figure 6.5 Schematic of the heat transfer and mechanical boundary condition of the
analytical 1-D solidification problem solved by Weiner and Boley[5 1 alon g the
material properties used by Kristiansson!® for the same problem.
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perfectly-plastic body subjected to a sudden decrease in surface temperature. Figure 6.6 compares
the results of this solution with two numerical calculations. The analytical solution of Weiner and
Boleyl® is reproduced using the elasto-viscoplastic algorithm of CONCAST!"). The elasto-visco-
plastic calculation methods of CONCAST can model a time-independent constitutive law (such as
elasto-plastic case), by using a strain rate function (shown in Figure 6.5) that will force the stresses
to come back to yield stress level whenever the stresses exceeds the yield stress. This is a
particularly rigorous test of CONCAST, due to the numerical challenge required to model a time-
independent constitutive equation with an elasto-viscoplastic calculation method. The plane- strain
elasto-plastic solutions of Tszeng & Kobayashi[g] are also compared in this figure. This result is

believed to indicate the accuracy expected of the continuous casting
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Figure 6.6 Comparison of Numerical and analytical solution for the 1D solidification problem.
simulations, which use a similar mesh density in the solid elements, similar convergence

parameters and time step sizes.

6.5 BREAKOUT SHELL MEASUREMENTS

Finally, the entire system of models was verified by comparing the model predictions of
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shell thickness with measurements from a breakout shell. The first step is verification of the
models providing input data to CONCAST, which is explained in Chapter 3 and reported
elsewherel®-111, Casting conditions for the simulation are given in Table 6.1. These were chosen
to match the actual conditions experienced by several slices through the strand as closely as
possible. A 203 mm (8”) thick and 914.4 mm (36”") wide slab was simulated instead of the 229 x
1016 mm (9” x 40”) breakout slab. This should not affect the model predictions because the same
percent taper was used as that experienced by the breakout slab and the corner region is about the
same importance. Note that the effective taper on the narrow face is much lower than typically
employed. This is because the breakout occurred during a widening width change operation,
which lowers the taper actually experienced by the slice. Where actual conditions were not
recorded, the model parameters are best estimates derived from other operations or trials.

The CON1D program was previously calibrated with this particular mold by matching
model predictions of mold temperatures[g] with thermocouple measurements. Cooling water
temperature increase for the current breakout slab conditions was 5.85 and 8.1 °C for the broadface
and the narrowface respectively. This compares with 5.1 °C predicted by CON1D, showing that
calibration with previous temperatures is still reasonable. The gap heat transfer model parameters
in Table 6.1 were chosen by calculated variations in order to match the thermocouple
measurements. This produced a prediction of profile of solid and liquid mold powder layers down
the center of the wide face. To adapt these results horizontally around the mold perimeter, the
CONCAST model simply assumes that any additional interfacial gap calculated due to the
shrinkage of the shell away from the mold walls is filled with air, to the extent that the shrinkage
gaps exceed the combined powder layer thickness. This assumes that the powder consumption at
the meniscus is uniform around the mold perimeter.

To properly compare the model predictions with the breakout slab, the “drainage time” of
the liquid metal during the breakout should be taken into account. The sections of the breakout
slab should be compared with the simulation slice at a later time, to account for the additional time

available for solidification during drainage of the liquid metal through the breakout hole, as
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Figure 6.7 Comparison of predicted shell thickness with two transverse sections through a
breakout shell.
explained in Appendix G. Simulations were conducted under conditions for two separate slices.
The slices were taken at distances below the top of the breakout shell of 225 mm and 431 mm,
which corresponds to simulation times of 15 s and 28 s respectively and includes drainage times of
1.5 s and 2.5 s respectively.

Figures 6.7a and 6.7b compare transverse sections through the two breakout shell with the
corresponding model predictions for these two slices. The deformed shape (1.0 X magnification)
of the strand is superimposed with temperature contours in the same figure. The general shapes of
the predicted and observed breakout shells do not match closely, owing to the significant
deformation and rolling experienced by the breakout shell during its removal from the casting
machine.

Shell thickness was defined in the model as the isotherm corresponding to the coherency
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temperature, assumed to be 80% solid (for 6=0.8 as defined by Eq. 3.13). As seen from Figures
6.7a and 6.7b, the predicted shell thicknesses match the thicknesses around the perimeter of the
breakout slab section very well.  This agreement appears to validate the remaining features of this
model, including the non-uniform dissipation of superheat via the superheat flux method and the
treatment of the flux layers and air gap in the corner region.

The shell thickness as a function of distance down the mold was plotted in Figure 6.8.
Also plotted in the figure are the experimental measurements done on the breakout shell. To
compare the model predictions with the breakout shell, the measured distances on the shell were
corrected to compensate for the drainage of the liquid steel during break out as per the calculations
shown in Appendix F. As seen in Figure 6.8 the model predictions are in fairly good agreement
with the measurements near the lower half of the mold, while near the upper region there is

considerable disagreement. The relative magnitude of the differences in the measured shell
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Figure 6.8 Comparison of predicted shell thickness at various locations on the shell as a
function of distance below meniscus with the measurements on the Breakout
shell.
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thickness between the mid-wideface and the mid-narrowface is of the same order as that predicted
by the model. The higher shell thickness in the upper part of the shell can be attributed to
momentary stoppage of casting at the initial detection of the breakout, and the other errors could be
contributed by the assumptions on the size of the breakout hole in drainage time calculations. The
exact size of the breakout hole could not be determined as the shell was badly damaged in that
location. An estimated holesize of 50 mm was used in these calculations. These results suggest
that the model can accurately predict the shell growth inside the mold including the non-

uniformities which are believed to be due to non-uniform superheat delivery, as discussed in

Chapter 3.
TABLE 6.1 Br imuplation Condition
Mold Dimensions:
Strand width, W 914 mm (36™)
Strand thickness, N 203 mm (8”)
Mold Length, Ly, 900 mm
Mold Taper 0.675 %/m (narrow face)
0.122 %/m (wide face)
Casting Conditions:
Superheat 250C
Casting speed 16.9 mmy/s (40 in/min)
Meniscus level 85 mm below mold top
Powder Consumption 0.4 Kg/m?
Powder Solidus Temp 1050 °C
Powder Conductivity 0.8 W/m/K
Total powder layer thickness 0.4 mm at meniscus
0.7 mm at mold exit
Nozzle Angle 15 ° down
Nozzle Submergence
top surface to top of port 235 mm (9.25")
top surface to top of jet 272 mm (10.7”)
Material Properties:
Grade Low Carbon steel
(0.044 %C)
Liquidus temperature 1532 0C
Solidus temperature 1518 0C
Solid fraction for T, 6 0.8
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CHAPTER 7

APPLICATION OF THE MODEL TO WIDTH CHANGE OPERATION

A major application of the model is to simulate and understand the various casting
conditions that can lead to problems and defects. One of the most costly problems is a breakout.
Breakouts, particularly for low carbon (%C < 0.08) and high carbon (%C > 0.15) steels (ie. non-
peritectic grades) are often associated with sticking of the shell to the mold due to inadequate
lubrication or oscillation practice.[l] However, breakouts may also be caused by inadequate or
non-uniform shell growth due to insufficient narrowface taper, poor mold flux distribution, high
superheat, a misaligned or blocked nozzle, and high casting speed. The following sections explore

the relative effects of these factors contributing to this and other breakouts.

7.1 EFFECT OF NARROWFACE TAPER

Breakouts in slab casting operations are often associated with inadequate heat transfer, such
as caused by inadequate mold taper, particularly of the narrowface. = When the narrowface taper
is small, the strand continues to shrink forming air gaps. This will cause reduced heat transfer to
the narrowface, where the shell can become thin, reheat and bulge. One such breakout was used to
validate ﬁle mathematical model in the previous section.

The gap at the narrowface is determined primarily by the difference between the shrinkage

of the wide face shell and the position of the narrowface wall, which depends primarily on the

narrowface taper. During steady operation, this “nominal mold taper”, tapr,, is defined by:

tapr, = @Ym * 100 %/m (7.1)
where:
W = mold width
AW = difference in mold width at top and bottom of mold
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Lm =mold length

One of the practices which greatly affects the narrow face taper experienced by the moving
strand, is the automatic width change operation. During a width change operation, the narrow
faces are moved inward or outward for casting narrower or wider slabs respectively without
stopping operation. Operating practice varies from caster to caster. Although, the width
adjustments during the casting process produce a 30-50% increase in productivity and 40-50%
savings in energy 2] the practice can lead to breakouts, often near the narrow face 31, During a
widening width change, the narrow faces move outwards, and tend to reduce the contact between
the strand and the narrow face mold wall. The actual narrow face taper experienced by an
individual slice passing through the mold decreases. This taper may vary for different individual
sections through the strand. Moreover, the taper on the narrow face actually experienced by a
strand section can change with time, especially if a width change starts or ends while the strand

section is moving through the mold. For strand sections cast during the middle of a width change,

this “dynamic taper”, tapr4, can be expressed as:
forty < tg<te- Z
W S VE

\%
tapry = tapr, - —VE%(B* 100 %/m (7.2)

where:

W(t) = the current mold width, = W+Vy(t-tw)
and the other symbols are defined in the nomenclature section. These equations should be

expressed in differential form and integrated to account for any gradual changes in Vw, AW, W
that occur during the width change.
Note that during a widening width change, this equation indicates that the outward

movement of the narrow faces will decrease the taper experienced by the slab section unless the

nominal taper, tapr,, is increased by increasing AW. For example, changing width at a speed of

0.08 mm/s (0.19"/min) will effectively decrease mold taper from 1.6 %/m to 0.675 %/m for a
1016 mm (40") wide slab cast at 16.9 mm/s (40”’/min). If the narrow face position is adjusted

simultaneously with the width change, large width change speeds (up to 3.3 mm/s) can be
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achieved (2. If allowed by the mold construction, the following relation should be satisfied to
achieve this:

Vw WL

AW=taprnWL+—VCT(t)

(7.3)

Narrowing width changes simply imply negative values of Vy in these relations.

The low taper simulation considered in Figures 6.9a & 6.9b could represent either a steady
casting condition with low nominal taper or a widening width change with a regular nominal taper.
As seen from the Figures 6.9a and 6.9b, the gaps and corresponding thinner shell on the off-
corner narrow face indicates that the taper does not match the shrinkage. The shrinkage is governed
mainly by the behavior of the wide face shell. Since the shell is in good contact over most of the
wide face, it shrinks to form a large gap on the narrow face (3.8 mm at mold exit for conditions in
Table 6.1). The thinnest shell arises in the off-corner region, which can become the location for a
breakout hole in extreme circumstances, as happened in this case. To avoid this, the narrow face
taper should be chosen to match the shrinkage of the wide face shell, in order to prevent formation

of gaps in the off-corner region and associated danger of breakouts.

7.2 EFFECT OF MOLD FLUX DISTRIBUTION

The characteristics of the mold flux in the interfacial gap are known to greatly influence
the shell growth[4’ >l The distribution of mold flux around the perimeter of the shell is one of
these characteristics. The simulation conditions discussed above assumed a constant mold powder
layer thickness. The flux layer thicknesses are calculated as a function of position down the mold
based on the measured mold flux consumption rate and thermal properties using CON1D 61 As
seen in Figures 6.7a and 6.7b, gaps of the order of 3.8 mm are produced, which are only about
10-15% filled with mold flux (0.4-0.7 mm). This reduces heat transfer across the gap and is
mainly responsible for the thinner shell observed in the off-corner region.

If more fluid flux fills the gap instead of air, however, improved heat transfer across the

gap should result. To investigate this phenomenon, the mold flux thickness around the corner
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region was doubled over the values used in Table 6.1 conditions. The results of this simulation are
shown in Figure 7.1 at three locations down the mold. It can be seen from the figure that feeding
additional mold powder into the gap improves the heat transfer and increases the minimum shell
thickness in the off corner region from 6.6 to 7.6 mm. This compares with 17.6 mm thick shell at
the mid narrow face, where there is no gap. This confirms expectations that the influence of
powder feeding on heat transfer is an important factor for breakouts, beyond its influence on
lubrication. However additional powder feeding cannot overcome the severe gaps produced from

insufficient taper.

7.3 EFFECT OF SUPERHEAT

As discussed earlier, the distribution of superheat has an important influence on the growth
of the solidified shell. The importance of superheat dissipation is shown in Figure 7.2, through a
comparison of the shell growth found with the two different methods for accounting for the
superheat flux. In the enhanced conductivity method, the conductivity of the liquid is enhanced
isotropically by a factor decreasing from 10 to 1.5 over the mold length and the superheat flux
method boundary condition is not applied. This makes the shell grow equally on the wide and
narrow faces. On the contrary, when the more accurate superheat flux method is used, the shell
grows differently on the two faces. Initially, the enhanced conductivity method predicts a slower
growth rate because of the large superheat temperature difference present. Later, when most of the
superheat is directed towards the ﬁarrow face, the superheat flux method shows that the shell here
grows more slowly. This difference in shell thickness on the narrow face and wide face has been

[7, 8

reported by other researchers using coupled finite difference fluid flow and heat transfer

models.

The effect of superheat dissipation on the shell growth is shown in Figure 7.3, where the
shell thickness at three different locations on the slab is compared for the two different superheats.

As can be seen from the figure that with increasing superheat the shell thickness decreases. The

127



128



effect is not as pronounced on the wideface as on the narrowface. The wideface is less sensitive to

the superheat variation because most of the superheat is directed towards the narrowface. The off-
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Figure 7.2 Comparison of the shell thickness predicted by two different methods of
calculating superheat dissipation (NF = Narrowface, WF = Wideface)
corner region of the narrowface is more sensitive to the variation in superheat than the mid-face. In
fact, at high superheat (40°) the off-corner region grows much slower because of an already
existing airgap due to low taper (0.65%/m). There is a clear evidence of shell remelting (minimum
shell thickness of about 2.2 mm near the impingement point of the incoming jet from the nozzle. It
can be pointed out that superheat does not influence the shell growth when there is a good contact
between the shell and the mold (e.g. mid-wideface) indicating that the superheat flux alone is not a
critical factor causing breakouts. However, if the nozzle is blocked, or if the nozzle is not centered
properly between the narrow faces (often observed in multi-strand casters), a preferential flow
pattern could develop resulting in higher superheat delivered to one side than the other, making a

breakout more likely.
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Figure 7.3 Effect of superheat on the growth of the shell at different locations of the slab.

7.4 EFFECT OF NOZZLE MIS-ALIGNMENT

The nozzle is usually aligned to deliver its maximum jet to the center of the narrow face.
Although nozzle misalignment is a rare event, an 8° rotation would direct the flow of the liquid
metal toward the off-corner region instead of the center of the narrow face. This would deliver
more superheat to this naturally thin region, making the danger of a breakout due to shell erosion
even higher. The effect of nozzle mis-alignment was investigated to determine if shell growth in
this naturally thin region is more sensitive to superheat flux from the impinging jet than at the mid
marrow face. To investigate this phenomena, the model was run with the conditions of Table 6.1
but with the superheat fluxes shifted 8° anti-clockwise around the mold perimeter to approximate

the boundary conditions expected.
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Slices at three different locations down the mold are shown in Figure 7.4. The thinning of
the shell is aggravated when the superheat flux in the off corner region is increased due to a mis-
aligned nozzle. Furthermore, these results suggest that a possible remelting of the shell could
occur, when the effects of higher heat flux are combined with reduced heat transfer already present
in this region due to the interfacial gap. The shell thinning is most severe at around 30 s below the

meniscus, which coincides with the location of the peak superheat flux at the impingement point.
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Figure 7.5 Predicted shell thickness as a function of distance below meniscus showing
possible shell erosion due to nozzle misalignment.

Figure 7.5 compares the shell profiles down the narrow face at the mid-face and off-corner
locations, for the conditions with a centered and a 8° misaligned nozzle jet. The off-corner
location is clearly more sensitive to the change in superheat input owing to its smaller rate of heat
extraction to the mold. Thus the model results suggest that the combined effects of reduced narrow
face taper with higher superheat delivery to the inside of the shell and insufficient flux distribution
in the gap could be responsible for off-corner narrow face breakouts such as observed during a

widening width change operation.
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7.5 EFFECT OF CASTING SPEED

The effect of casting speed on shell growth is shown in Figure 7.6. These results were
obtained using the conditions of Table 6.1, with only a change in casting speed. It should be noted
that all other parameters including the powder consumption and taper were left the same, even
though during actual operation, these might change with casting speed. However, the superheat
flux was increased in proportion to the casting speed. Superheat is found to increase linearly with
casting speed.f Huang, 1992 #15}1 As expected, the results show that increasing the casting speed
decreases the shell thickness at the center of both the narrowface and wideface. This is because
much less heat is extracted from the strand in the mold due to the shorter residence time at higher

casting speed.
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Figure 7.6 Effect of casting speed on the narrowface shell growth.
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Figure 7.6 also shows that shell growth at the off-corner region is affected differently by
the casting speed, and may even increase slightly at higher casting speed. Initially the shell grows
faster at low speed than that high speed because of low residence time. But at the lower region of
the mold as the shell shinks less creating smaller gaps, increasing the heat transfer and the shell
growth. This result can be understood by examination of Figure 7.7, which shows the calculated
shrinkage of the shell away from the narrow face wall at the corner, corresponding to these
conditions. At higher casting speed, there is less shrinkage of the shell, so the gap on the narrow
face off corner region, including the corner, are smaller. The smaller gap at the off-corner region
tends to increase the heat transfer rate in this region. This tends to compensate for the shorter
residence time in the mold. The net result is that shell thickness in the critical thin off-corner region
is almost the same, as shown in Figure 7.6. This result implies that decreasing casting speed
might not help prevent a breakout associated with low narrow face taper. However, increasin g
casting speed is dangerous also, because it could aggravate other factors, such as the superheat

flux.
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Figure 7.7 Effect of casting speed on the narrowface shell shrinkage.
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7.6 CONCLUSIONS

It can be concluded from the above discussions that the combined effect of superheat
dissipation, narrowface taper, flux distribution around the shell and the casting speed influence the
growth of the shell on the narrowface specially in the off-corner region where large gaps can exist
due to insufficient taper. Breakouts during widening width change are mostly caused by the loss
of support of the narrow face shell combined with the effects of higher superheat from the
impinging jet and insufficient mold flux distribution. These should be preventable by dynamically

changing the taper to compensate for the loss due to width change.
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CHAPTER 8
OPTIMIZING MOLD TAPER

It has been shown in previous chapters that the heat transfer through the interfacial gap is
dependent on the size and constituent of the gap. The extent of this gap depends among other
things, on the position of the mold walls and is determined by the mold distortion and mold taper.
Mold taper is one of the few important casting variables that is readily controllable and adjustable.
It has an important influence on the early stages of solidification in the mold, and the ultimate
quality of the continuously cast steel. The long, weak, unsupported shell solidifying against the
wide face is generally held against the copper mold by ferrostatic pressure, so is not very affected
by the taper. To compensate for shrinkage of the wide face, the mold walls on the narrow face are
usually given a linear taper. Figure 8.1 shows that major source of shrinkage is thermal strain due
to contraction of the wide face from the initial solidification temperature of about 1500 °C to a mold
exit surface temperature of about 1000 °C. For a typical low carbon steel, this requires an average

linear taper down the mold of:

% taper = SA\—NV—V = AT = (0.002 %/°C) * (1500-1000°C) = 1% 8.1)

W + AW

4

Ly,

A4

AW W
>Vie
Figure 8.1 Taper calculation on the narrowface.

It should be noted that taper is also commonly reported on the basis of "per unit length down the

mold":
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AW
% taper / m = LW (8.2)

In this example, this produces a taper of 1.25%/m for a typical effective mold length (distance from
meniscus to mold exit) of 0.8m, so it is important to distinguish between these two different
methods for measuring mold taper. Tapers here are reported on a "per unit length" basis using Eq.
(8.2).

The calculation of Eq. 8.1 assumed a continuous, linear shrinkage of the shell. However,
previous work has determined that more shrinkage occurs near the top of the mold.H-4] Thus,
billet casting machines often employ a multiple taper.B] Most slab molds usually use a simple
linear taper. Some recent work in slab molds suggests that more taper near the top would be

beneficial for slab mold narrow faces also. (5. 6]

Inadequate taper can give rise to many different quality problems. These arise from two
causes: excessive gap formation, where the shell shrinks away from the mold due to insufficient
taper, and mechanical forces compressing the shell, where the taper exceeds the shrinkage. Both
of these conditions may lead to quality problems. The problem of too little taper leads to decreased
heat flow, high surface temperatures, and consequently a thin shell. This in turn can lead to
bulging both in and below the mold, with the generation of longitudinal cracks in fragile steel
grades and surface shape problems such as longitudinal depressions, or "gutters" down the off-
corner region of the wide face surface. Too much taper also produces many problems such as: 1)
excessive mold wear, which may also cause star cracks by rubbing copper from the mold into the
surface of the steel shell, 2) deformation and distortion of the shell, and 3) high friction and

binding of the shell in the mold, which can produce transverse cracks or even breakouts.

In this chapter the mathematical model described in chapter 3 will be applied to explore the
influence of mold taper on temperature and shrinkage. The goal is to find taper designs for the
narrow face that more closely match the natural shrinkage of the shell, in order to improve heat

transfer, reduce mold wear, and avoid defects caused by deformation and stress of the shell.
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The shrinkage of the slab in the corner region is mainly governed by contraction of the
wideface. The heat transfer of the wideface is mostly one dimensional where the slab is in good
contact with the mold and the slab surface temperature is uniform over most of the wideface except
near the corner, where the heat transfer is two-dimensional. It is, therefore, expected that
shrinkage of the corner region will be closely governed by the drop in the slab surface temperature
along the mid-wideface which can be modeled using a simpler 1-D calculation using a generalized
version of Eq. 8.1. To verify this hypothesis comparisons of slab shrinkage based on 1-D thermal
analysis are necessary with the shrinkage calculated from a full 2-D analysis of the slab.

8.1 1-D MODEL(S)

A simple 1-D model representing the slab section at the center of the wideface was
developed as shown in Figure 8.2. The boundary conditions used are also shown in the figure.
The heat transfer boundary is similar to the continuous casting simulation with gap heat transfer
conditions on the wideface with the rest of the boundary being insulated. For the stress boundary
symmetry conditions were applied at the symmetry plane and generalized plane strain conditions

were applied in the x and z direction as shown in Figure 8.2. The heat transfer simulation is

Generalized Plane
Strainin x and z
Y 7 1-D Strip
////”/ model at
X 7  mid-wideface
Wideface f
Gap Heat Trasfer
Boundary

Figure 8.2 Schematic of the 1-D model and boundary conditions.

equivalent to running the CON1D model and can produce identical temperature results.
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Figure 8.3 compares the various strain components of the surface node for the 1-D
analysis. As seen in the figure, the thermal strains are the major part of the total strain. The plastic
strains are very small compared to the thermal strain as seen in Figure 8.3. The plastic strains are
higher during the initial stages of solidification. The first layer of steel solidifies in tension
producing unreasonably large plastic strains at high temperature as evident from Figure 8.4. As
the solidification proceeds in the subsequent layer of elements, the surface stress relaxes and the
surface goes into compression while the interior goes into tension. The source of the tensile peaks

and their implications will be discussed in chapter 10.
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Figure 8.3 History of various strain components of the surface node for 1-D model.

The shrinkage at the corner can be predicted using the temperature of the surface node

based on the Eq.8.3 using the 1-D heat transfer model, CON1D :

AW = [ TLE(Tso1) - TLE(Ts) 1 W (8.3)
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Figure 8.4 Stress through the shell at different times

The displacements at the corners can be approximated by converting the total x-strain of the

surface node of the 1-D finite element model shown in Figure 8.2 as
AW =g+ W (8.4)

The thermal strains from the 1-D finite element model can also be converted similar to Eq. 8.4 to

get the shrinkage of the corner of the slab, i.e.

AW =¢g1+ W (8.5)
Eqs. 8.4 and 8.5 are true when the shell is in good contact with the wideface mold and the surface
temperatures are uniform over the entire wideface and the inelastic strains are negligible. It will be
interesting to see which of the above equations could be used to represent the ideal shrinkage of the
shell, by comparing the shrinkage results of the 2-D model with that obtained by Egs. 8.3-8.5.

This is done in section 8.2.
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8.1.1 MESH REFINEMENT

It was observed that the stress results are very sensitive to the mesh size in the solid portion
of the domain. To obtain an acceptable mesh the 1-D model with different mesh densities was

studied. Three different meshes were used for the entire 30mm of the simulation domain.
Mesh A : 903 nodes, 300 6-node elements (element length 0.2 mm uniform)
Mesh B : 93 nodes, 30 6-node elements (element length 2.0 mm uniform)

Mesh C : 75 nodes, 24 6-node elements (element length varied from 1.4 to 2.4 mm)
It was found that the results with mesh C were better than that with mesh B, so the comparisons
were made between mesh A (fine) and mesh C (coarse) only. Mesh C was chosen because it has
exactly the same number of nodes through the shell thickness as the 2-D mesh with the same
element length.

Figure 8.7 compares the total strain history predicted by the fine and the coarse mesh. As
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Figure 8.5 Comparison of strains for 1-D fine and coarse mesh.
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expected the coarse mesh underpredicts the strains compared to the finer mesh by about 7.0 %.
Therefore, one would expect that using a similar mesh in 2-D as that of the coarse mesh in 1-D,
would introduce error of the order of 7% in the displacement calculation. This is again acceptable
in lieu of the tremendous computational cost associated with further mesh refinement in 2-D. The
evolution of stress distribution through the shell for the two meshes are shown in Figure 8.6. It
can be seen that the fine mesh produces a smoother stress distribution than the coarse mesh.
Moreover, the stress peaks associated with the 8-y phase transformation are captured only with the
fine mesh. The region of this phase transformation varied from about 0.7 mm in the beginning to
about 1.6 mm near the end. This suggests that to capture the effects of the phase transformation
the length of the element should be between 0.35 mm to 0.8 mm. Note that the coarse mesh has
element sizes varying from 1.4 mm to 2.4 mm. It should also be noted that heat transfer analysis
does not need any further mesh refinement, as the course and fine meshes produce temperatures

that differ by only 2.5 % at the beginning to about 0.1% at the end of simulation.
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Finally the shrinkage predicted by Eqs. 8.3-8.5 are plotted in Figure 8.7. As seen in the figure,
using Eq. 8.4 both coarse mesh and the fine mesh underpredicts the thermal shrinkage based on
Eq. 8.3. For the coarse mesh, there is an initial delay in generating any shrinkage because the
solidification time for the first layer of element of the coarse mesh is longer than the fine mesh.
Shrinkage calculation based on Eq. 8.5 also reflects similar differences. However, when using
Eq. 8.3 to calculate the narrowface shrinkage the difference between the coarse mesh and the fine
mesh results are at minimal and the results are close to the finemesh results using Eq. 8.5. These
results suggest the need for a very fine mesh for accurate calculation of shrinkage. However 2D
coarse meshes such as the one presented in this work, are expected to produce results with in 5-10
% accuracy which are acceptable for these calculations. Comparison of the best shrinkage
predictions by Eq. 8.3-8.5 with shrinkage based on 2-D simulation will be done in the next

section.
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Figure 8.7 Comparison of narrowface shrinkage predicted by Eqs. 8.3-8.5 for different meshes.
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8.2 2-D MODEL

The shrinkage based on the thermal strain of the surface node("thermal only") can be
compared to the actual displacement of the corner obtained from the 2-D elasto-viscoplatic model,
which takes ferrostatic pressure and creep-plasticity into account (CONCAST 2D-Corner). Based
on the surface temperature history, Eq. 8.3 can predict the shrinkage profile as a function of
position in the mold. Figure 8.8 compares the shrinkage based on Eq. 8.3 with the natural
shrinkage of the slab corner predicted by the 2-D model. It is surprising to see that the simple 1-D
calculations can produce such accurate results . The figure shows that the shrinkage calculated

using Eq. 8.3 slightly over-predicts the natural shrinkage of the shell (freely shrinking without
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Figure 8.8 Comparison of shell shrinkage predicted by 1-D and 2-D models.
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any imposed taper) in the upper part of the mold and under-predicts in the lower part. Eq. 8.4 also
underpredicts the shrinkage of the corner region as seen from Figure 8.8. This is due to relatively
larger plastic strains generated in the upper part of the mold compared to the lower part as shown in
Figure 8.3.

Figure 8.8 also shows the effect of ferrostatic pressure on the shrinkage. As the shell is
held in good contact over the most part of the wideface mold by the ferrostatic pressure, gaps are
minimal and very good heat transfer persists. As a result the wideface shell shrinks about 0.65
mm more compared to the case without ferrostatic pressure. The 1-D model cannot reproduce this
effect. The 1-D calculations also assume a uniform surface temperature along the wideface.
Because of the two-dimensional heat transfer in the corner region the temperature along the
wideface is not uniform as shown in Figure 8.9. The corner is the coldest region while the off-
corner is the hotter compared to the center of the wideface because of little gaps formed in the off-
corner region. The differences in the 1-D and 2-D shrinkage calculations (which is about 10-15%)

can be attributed to this surface temperature variation for the 2-D analysis.
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Figure 8.9 Temperature distribution along the surface of the wideface
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It should however, be noted that the shrinkage calculation based on surface nodal
temperature (Eq. 8.3) almost matches the shrinkage based on thermal strains from the 1-D finite
element model. The small differences are due to the fact that for the finite element model, thermal
strains are generated as the elements solidify, and as such there is an initial delay for the first layer
of elements to solidify and generate thermal strains. These differences tend to increase when the
mesh becomes coarse. To match the predictions of the 1-D calculations, considerable mesh
refinement is necessary; and for 2-D analysis, such refinements can tremendously increase the
computational cost. The 1-D model results presented in Figure 8.3 used a very fine mesh (element
length of 0.1 mm), while the 2-D model used a relatively coarse mesh (mesh length varied from
0.7mm to 1.2 mm). A mesh refinement study was carried out to justify the use of the mesh

density for most of the 2-D simulations carried out in this study.

8.3 RESULTS AND DISCUSSION

Several full 2-D model simulations were performed on a 203 x 914 mm slab with a
working mold length of 815 mm. Standard operating conditions assumed a casting speed of 1.016
m/min (40.0 inches/min) and a superheat of 25 °C. Material properties for a plain carbon (0.044

%C) [7] and stainless steel were assumed.

8.3.1 EFFECT OF NARROWFACE TAPER

Figure 8.10 compares the shrinkage of the corner region of the slab for different
narrowface taper. As seen in the figure, the shrinkage of the shell in the corner does not depend on
the imposed taper on the narrowface side. This is due to the fact that the shrinkage in the corner is
mainly governed by the overall shrinkage of the wideface which is in good contact with the mold
and should not be affected by the imposed taper on the narrowface. Shrinkage, however, depends
on casting variables such as casting speed and slab size and should be taken into account while

setting the taper for the mold.
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Figure 8.10 Effect of narrowface taper on the shrinkage and gap formation.

The figure also shows the behavior of the gaps formed in the corner region of the
narrowface as a function of distance below meniscus for various imposed narrowface tapers. The
rate of gap formation is initially very high, due to large shrinkage during the initial solidification.
Near the lower region, the mold tends to bow out due to thermal distortion, creating an increase in
gap size towards the bottom of the mold. As the taper increases, the gaps tend to decrease, which
improves the heat transfer in this region. The effect is shown in Figure 8.11, where the deformed
shape of the slab is superimposed with temperature contours at mold exit for the three different

tapers.

Just below the meniscus, steel solidifies against the mold to form a continuous shell and
starts to shrink away from the mold walls. This first occurs near the corner, where an air gap
forms. Two dimensional heat flow keeps the corner cold, thick, and rigid. However, the gap

reduces heat flow in the off-corner region of narrowface, resulting in a hotter, thinner shell there.
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Figure 8.11 Effect of Narrowface taper on Shell growth at mold exit.

With very little narrow-face taper, shrinkage of the wide face produces a large gap on the narrow
face, as shown in Figure 8.10. The entire narrow face remains hot and thin, particularly in the off-
corner region (see Figure 8.11). Ferrostatic pressure makes the narrow face shell bulge outward
toward the mold wall. As the wide face cools and shrinks, the gap near the corner along the
narrow face increases, maintaining high temperatures in the region. This hot spot is only observed

when taper is relatively small. It is apparent from Figure 8.10 that almost from the beginning, the
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large taper(1.35 %/m) on the narrowface of the mold compensates for the shrinkage of the
wideface and maintains the narrowface of the slab in good contact with the mold. Due to the
disappearance of the air gap at high taper, the heat flow to the mold is uniform resulting in a more
uniform shell at exit than with lower taper as seen from Figure 8.11. An increase in the taper

beyond this would cause the AW in Eq. 8.1 exceed the shrinkage of the shell and the shell will be

squeezed by the end plates.

The importance of superheat, mold flux and casting speed on the formation of breakouts
have already been discussed in the previous chapter. Results presented here further strengthen the
implications of narrowface taper on the formation of breakouts. It has been observed that the
surface temperature of the slab near the hot spot reaches as high as 1350 °C or above. The low
strength of the thin shell, can give rise to the collapse of the air gap as the ferrostatic pressure
pushes the shell against the wideface. As proposed by Grill et al.[sl, this possible collapse of the
gap can generate enough tensile strain to rupture the shell near the hot spot. If the rupture occurs in
the upper part of the mold, it can give rise to "bleeding" of small amount of liquid which can freeze
between the shell and the mold producing a surface defect. However, if the rupture occurs in the

lower part of the mold it causes a breakout.

Because of the complex nature of the gap formation and the shrinkage of the shell and their
dependence on the casting variables such as casting speed, slab width, super heat etc., it is difficult
to postulate an optimum taper condition for a wide range of casting practices. As such each case
must be considered separately. However, the model can be used to get the optimized taper

conditions that will prevent breakout for a given casting conditions.

These results show evidence for a potential mechanism of defect initiation in the off-corner
region. Consistent with the findings of previous chapter, increasing the taper improves heat
transfer in the off-corner region making a more uniform shell, thereby decreasing the chances of
off-corner breakouts. However, increasing the taper beyond a critical value (8mm/m), sometimes

increases the occurrence of transverse corner cracks (below deep oscillation marks), in slabs due to
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effects of excessive contact pressure and friction on the weak shell as reported by Takemoto et

al..[g] In contrast, Okamura and Yamamoto!19]

suggested that by increasing the taper up to
2.2%/m for a thin slab (120 mm) caster, the tensile stress peaks were reduced, implying the
prevention of possible corner cracks. It has already been shown (Chapter 7) that too little taper,
such as during widening width change can produce breakouts. Therefore, it is necessary to

operate the caster with an optimized taper that is consistent with the casting condition.

8.3.2. EFFECT OF CASTING SPEED

Before implementing an optimized taper design into service, it is important to consider the
range of operating conditions the mold taper must accommodate. Thus, the effect of increasing
casting speed on the natural shrinkage of the shell was investigated. Figure 8.10 shows the

narrowface mold wall profile needed to exactly match the shrinkage of the wideface for various
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Figure 8.12 Effect of Casting Speed on the ideal shrinkage of the corner of the slab.
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casting speeds. These results were obtained using the full 2-D model, by matching the mold wall
position to the center of the narrowface. This allowed the narrowface to shrink as it pleased (after
first solidifying against the resisting wall) with heat transfer behaving as if a fortuitous
continuously-varying taper had been employed along the narrowface. This figure shows that less
shrinkage is found at higher casting speeds. This is expected because, increasing the casting speed
increases shell surface temperature on the wideface since the shell has less time to cool. The higher
temperature results in less shrinkage of the wideface, implying a closer distance between the shell
and the narrowface mold wall for a given taper. In addition, it shows that the shrinkage is more
uniform down the mold, so a linear taper should produce less problems at higher speeds.
Shrinkage is most non-linear at low casting speed, such as encountered during a ladle change.

Thus, a single taper design cannot match shrinkage under all casting conditions.

8.3.3. EFFECT OF MOLD DISTORTION

In Chapter 4 we have seen that the thermal distortion of the mold could be significant and
must be considered. During operation, the narrowface bends inward toward the steel a significant
distance, due to the expanding copper surface constrained by a cold copper layer and water box
beneath it. The largest distortion of the mold near the middle region can partially compensate for
the large shrinkage in the upper part of the mold. Thus, thermal distortion of mold may actually be
beneficial in many cases and should be taken into account when designing taper. From the
previous section it is seen that a linear taper is not sufficient to compensate for the non-linear
shrinkage in the mold. Other factors such as the build-up of solidified mold flux against the mold
walls, can also contribute to altering the effective taper.

Figure 8.12 compares the natural shrinkage of low carbon and stainless steel for the
standard conditions. Also plotted in the figure is the thermal distortion of the narrowface mold.
The distortion of the mold superimposed with various imposed linear tapers is compared with the

shrinkage of the two different steels. As seen from Figure 8.12, the shrinkage of the low carbon
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steel is much more than the stainless steel, due to the 8-y phase transformation in the former. The
shrinkage of stainless steel is less non-linear and a simple linear taper of 1.0 %/m should be
sufficient to compensate for the shrinkage when combined with mold distortion. For low carbon
steel, however, a linear taper even up to 1.9 %/m does not exactly prevent gap formation for that
steel. Moreover, this taper becomes excessive near the lower part of the mold. Thus, for low
carbon steel it is difficult to compensate for the shrinkage through a simple linear taper. Most
plants operate with a 1.3 %/m - 1.7 %/mM 1] which appears to be insufficient. Thus mold
distortion could be beneficial for some grades of steel while it is not as much useful for other
grades. Nevertheless, the taper calculations should always be carried out taking into account the

mold distortion.
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8.34 EFFECT ON MOLD WEAR

Wear of the slab mold arises as a result of the physical abrasion of the mold wall by the
solid shell and is dependent on the normal force which presses the shell against the mold wall.
Intuitively, wear should therefore occur wherever the gap between the mold and the shell closes to
zero. The variation of the gap at various location in the mold (similar to Figure 8.8) for various
taper conditions can give further insight into the possible locations of mold wear. However, the
present mechanical model ignores the effects of the frictional forces acting on the slab, and as such
the model can be used for making qualitative predictions about mold wear. Among the cases
presented in Figure 8.9, closure of the narrowface gaps is predicted in the lower part of the mold at

high taper (greater than 1.35 %/m).

8.4 TAPER DIAGRAM

It has been established that simple 1-D heat transfer calculations can generate reasonable
results that can be used by the caster operator as a first guess for the new mold taper design. It has
been seen that the shrinkage of the shell is very non-linear, especially during the initial stages of
solidification and depends on various factors such as casting speed, width, superheat etc.. It is
therefore a difficult task to optimize the taper for a wide range of casting conditions. However, the
results of the 1-D analysis can be carefully evaluated to get a reasonable estimate of the taper
necessary for the particular casting conditions. Since the majority (more than 90%) of the
shrinkage of the corner is contributed by thermal strain only, an accurate 1-D heat transfer
calculation should be able to provide necessary guide lines for selecting taper for the narrow faces.

To do so, a taper diagram similar to the one used by Alberny[lz]

was developed using the results of
the 1-D calculations. Surface temperature calculations and a graphical version of Eq. 8.3 is shown
in Figure 8.14. This diagram does not take into account the mold distortion, and necessary
corrections will be needed to compensate for the distortion. The diagram includes the temperature

history of the surface node of the slab and the thermal linear expansion function of
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low carbon steel for standard conditions of 25 degree superheat. Similar diagrams can be made for
various superheat practices. It is assumed that the surface temperature of the center of the slab will
be independent of the slab width. The diagram can be used to get the appropriate taper in terms of
the variation of width at meniscus and bottom of the mold for a given casting condition (speed,
width etc.). Knowing the surface temperature of the slab at casting speed in consideration, the
associated shrinkage can be obtained by moving vertically in the diagram. Then the width variation
can be obtained by moving horizontally on the diagram until reaching line for the appropriate slab
width. For example, casting at 1.01 m/min, a 1.38 % shrinkage at the mold exit for a 900 mm slab
amounts to 12.4 mm of width variation. This corresponds to about 6.2 mm shrinkage per face and
is very close to the natural shrinkage of 6.7 mm of the slab (914 x 203 mm size) corner at mold
exit under the same casting conditions as seen in Figure 8.3. Thus, this kind of a diagram could be
a useful tool for the rﬁold operator for setting appropriate taper for the given casting condition.
Similar diagrams can be generated for various steel grades and casting conditions. Using this
diagram, one can design the most appropriate concave mold or multi-taper molds. Diagrams
similar to this have been routinely used in Europe for mold design in conventional continuous

casting of billets, blooms and slabs including the most familiar new concept of two slope mold13],

8.5 CONCLUSIONS

The finite element model CONCAST has been successfully applied to obtain the shrinkage
of the solidifying steel shell of a continuously cast slab. Model results suggest that shrinkage at the
narrowface of the slab mold is mostly governed by the heat transfer characteristics of the wideface.
A simple 1-D thermal analysis of the center of the wideface can reasonably predict shrinkage of the
corner region. Based on this 1-D model, a taper diagram was developed to predict the taper
necessary to compensate for the shrinkage of the shell as a function of casting speed and width.
Diagrams such as these can be useful tools for the casting engineer to set ideal mold taper for

different casting conditions.

156



The present model has confirmed that the shell shrinks more in the top of the mold than in
the bottom. Problems arise if the taper is either too large or too small. Shrinkage of steel depends
on the grade, low carbon steels having larger shrinkage than the stainless steels. At present, a
well-chosen linear taper appears reasonable for stainless steel grades, while for low carbon steels
such tapers are not optimum. Further work for a detailed parametric study of all process variables

is recommended before non-linear multiple tapers or contoured end-wall designs are implemented.
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CHAPTER 9
BULGING BELOW MOLD

In continuous casting a partially solidified steel strand is continuously being extracted from
the water cooled copper mold. The strand shell exiting the mold is weak and usually too thin and
hot to support the internal liquid pressure. Rolls, positioned at various elevations below the mold
provide additional containment. This intermittent containment provided by the rolls, prevents the
total failure of the strand by total rupture (breakout) and also limits the shell deformation. In
between rolls the shell deforms considerably and bulges out causing internal strains in the shell.
The quality of the continuously cast steel is determined by the conditions existing during
solidification between rolls and during straightening of the strand. Together with roll misalignment
and roll bending, bulging causes internal defects as a result of internal cracking and segregation.
While this bulging is small in billets it can be significant in slabs. Therefore, casting machines

should be designed to limit inter-roll bulging and bulging strains to acceptable levels.

It has been observed that bulging of shell well below those levels that lead to breakouts,
have been found to result in internal cracking in strand cast steellll. Steels have a low ductility
region just below the solidust?l. Studies have shown that internal cracks can occur when the
tensile strain in this sub-solidus region of the strand shell exceeds certain critical value. Although
these strains can result from a variety of both thermal and mechanical causes, the deformation of

the shell by internal ferrostatic pressure is of primary concern, especially at high casting speed.

Prediction of strand bulging between rollers was of prime importance to the steel
manufacturers. Several modelsi38] have been developed to study the bulging of the slab and its
implications on the strains generated at the solidification front. They range from simple analytical
models based on elementary theory of beam bcnding[g’ 101 46 complicated elasto-plastic models(!>

6] J[4.5,7,8,11]

and elasto-visco-plastic model Most of these works model the shell deformation

using either 3D or 2D longitudinal section at the center of the wideface of the slab between rollers
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far down in the mold, near unbending. However, there is practically no work available in the
literature on slab deformation just below the mold. Furthermore, most of these models cannot
predict the slab behavior in the transverse section, especially in the corner region. Figure 9.1

shows schematically the bulging of slab at the center of the wideface.

Direct spray
impingement
Nozzle

Figure 9.1 Schematic representation of interaction between the shell and the rolls

9.1 SPRAY COOLING BELOW MOLD

It is well known that spray cooling practices have a significant effect on the quality of
continuously cast steel slabs. In the spray zone of a slab caster, which consists of spray nozzles
positioned between support rolls, as shown in Figure 9.1, thermal stresses are generated in the
slab owing to surface cooling and reheating between successive spray nozzles, while mechanical
stresses arise from roll misalignment and bulging due to ferrostatic pressure, between the rolls
creates further stresses. If the stresses are of sufficient magnitude, internal or surface cracks

result. Studies have shown that among the factors that are known to influence crack formation,
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bulging is the major cause of defects in continuously cast slabs1?). The tendency of the slab to
bulge is affected by spray cooling practice because it determines the temperature distribution in the

solidifying shell, and hence its strength to withstand ferrostatic pressure.

Extensive research has been done to characterize the heat transfer in the spray cooling zone
and a summary of these works can be found in Brimacombe et al.l!3] and Hibbins and
Brimacombe! 2], Cooling of the slab surface in each segment of the spray zone can be categorized
as a) Direct spray cooling zone, b) Roll and residual water cooling zone and c) Radiational cooling
zone. Although the heat transfer is different in these regions, most of the previous work aimed at
obtaining an effective heat transfer coefficient as function of spray water flux and slab surface
temperature for the entire region between rolls. Table 9.1 lists the location and size of rolls and the
water flow rate in the spray nozzles for a typical slab caster ). The location of the sprays are
assumed to be halfway between the rolls. The heat transfer through the rolls is expressed as a

fraction of the heat transfer in the sprays as reported by Hibbins1%.

9.2 SIMULATION BELOW MOLD

The results presented in chapters 7 and 8, were for the simulations in the mold. Further
simulations were carried out incorporating the bulging of the slab in between rolls, and cooling by
water sprays. As described in chapter 3, the stress analysis below mold is carried out by fixing the
wideface surface to an assumed bulge shape. The simulation below mold is done by taking the
slice through the strand up to the distance of two roll spacings. The main objective here is to study
the effects of slab bulging on the deformation of the transverse section and its implications on the
longitudinal surface depressions. The simulation starts with the initial shape, temperature and
stress distribution of that at mold exit. The outside of the shell is cooled by water spray cooling.
The heat transfer coefficient for the spray cooling is given by Eq. 3.15 and the heat transfer
coefficient for the rollers is taken from the calculations of Haegele[m based on the fraction of heat

[12]

extraction at rolls*"* given in Table 9.1. The basis of the calculation of the average heat transfer
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coefficient between the strand and the rolls is shown in Appendix H. As shown schematically in
Figure 9.1, the shell bulges out in between rollers and is pushed back to the position of the rollers.
The position of the two rollers used in this simulation is taken from Table 9.1. The maximum
bulging and its shape is shown in Figure 3.9. This contour at the center of the wideface provides
the rigid constraint for the entire wideface as a function of distance between rolls. The narrowface
is left unconstrained, as it usually is not supported other than by a few of foot rolls at the bottom of

the mold.

Table 9.1 Location and size of rolls in a typical slab caster along with spray conditions.

Zone No| Zone starts at No. of rolls Roll radius Water flux Fraction of q
(mm below top) in zone (m) (I/m~2) through roll! 12!
1 815.000 1 0.064 8.090 0.010
2 940.000 9 0.086 3.110 0.080
3 2710.000 20 0.127 1.760 0.220
4 8700.000 13 0.162 1.320 0.200
5 36400.000 30 0.222 0.950 0.360

9.3 RESULTS AND DISCUSSION

The temperature history at various location on the surface and the inside of the shell is
shown in Figure 9.2. The strand in the process of casting is intermittently cooled by spray water
in the secondary cooling range. As the slab comes out of the mold its surface temperature starts
increasing in absence of any cooling, until it approaches the spray, whence it starts cooling again,

As the slab passes below the spray, its temperature starts increasing again until it approaches the

163



second spray and a similar cycle is repeated. The sequence is repeated about 50 times in a

conventional continuous caster before the strand is completely solidified. Notice that the
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Figure 9.2 Temperature history at various point on the surface and inside ( 16 mm below surface)
of the shell as it moves down the strand with no narrowface cooling.

narrowface surface temperature increases monotonically over the first several rolls in absence of

any sprays. Many casting machines employ soft narrowface cooling near the foot rolls. It can be

seen that the surface temperature amplitude caused by spray cooling is about 100 ~ 160 °C while

the interior temperature at 16 mm below slab surface oscillates about 20 ~ 30 °C. Similar results

have been reported by Kojima et al.[1d) using a finite difference heat transfer calculation of the

spray zone. These fluctuations in the slab temperature causes important variations in stresses.
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The stress history at the mid-wideface (MWF) generated by the model for the simulations
below the mold is shown in Figure 9.3. The surface stresses reach a maxima near the points of
peak bulging, at the same time the interior goes to compression. As the slice approaches the
rollers, it is pushed back to its original position and a stress reversal occurs; the surface goes to
compression and the interior to tension. This behavior is caused primarily by simple plate
bending, as illustrated at the top of Figure 9.3. These tensions at the solidification front at the
rollers are of big concern as they are capable of generating internal cracks. It is therefore,

necessary to minimize the tensile stresses generated at the solidification front.

The stress history at some other locations generated by the model for the simulations below
the mold is shown in Figure 9.4. The mechanical behavior of the slab is slightly different on the
narrowface. The narrowface, which has no roll support, remains bulged out all through, keeping
the surface in tension at the mid-face (MNF), except at the off-corner (OCNF) location, where the
bending of the shell about the rigid corner produces compression on the surface and tension in the
inside. The corner being the coldest, goes into maximum tension and compression during each
cycle. The off-corner wideface (OCWF) behaves in a similar manner as the mid-wideface with
slightly lower stresses on the surface but slightly higher stress in the interior due to the bending
about the corner for this case with a uniformly thick shell. The behavior of this location changes,

however, when the wideface shell thickness is not uniform.

The overall picture of the longitudinal effects of slab bulging is shown in Figure 9.5. The
effects can be easily understood looking at the transverse slices of the slab deformation and
stresses. Figure 9.5 shows the deformed shape of the slab (magnified 5 times), at five locations of
interest, namely mold exit, peak bulge and at the rollers. Also plotted in the same figure are the
principal stresses in the domain, which can be used to know the stress state of the slab. As seen in

the figure, near the peak bulge, both the narrow and widefaces bulge out producing tensile stresses
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Figure 9.3

— (asting Direction

Ferrostatic Pressure

Tension

Tension

Ferrostatic Pressure

15 [T

D

(MPa)

Stress
O
4

s
N
/

ive
(

(9]
llllllll

Effect

—
o

—o— MWF (Surface)
— B— MWEF (Inside)

| I I | I Lol . 1. .1 I 1 Lecdae L I { T S T |

—
(U

08 085 09 095 1 1.05 1.1 1.15
Distance below meniscus (m)

Effective stress history at the mid-wideface (MWF) on the surface and inside
(16mm below surface) of the shell as it moves down the strand with no
narrowface cooling.

166



- Casting Direction
Spray Spray

Mold,
LLYL

20 [ [ -1 — DO~ MNF (Surface)

5 \ . ,

—_ F RN DA\ ., — B MNF (Inside)
ozﬁo_‘ ] 1 o 1% 1] —0 - OCNF (Surface)
o[ A i =N :-lf_'_g'_."t\-—,_—:l‘: L | — @~ OCNF (Inside)
A '_k__.. A\ "/_/" AN y\' ‘ Yit — &~ Corner (Surface)
-?-":O i "-\ .é /}_':g‘_ll e A g I —aA - Corner (Inside)
1N Il M

o [ '\\'2&/7'\' A ~ -\ |- o - OCWE (Surface)
‘%O_‘ !-\"l ) ) ~ & e — -- OCWF (Inside)
NV b=
Cnt
= [

20 |

—30-IlllllllllllllIllll'llll'lllllllll

08 0.8 09 09 1 1.05 1.1 115
Mold Exit Distance below meniscus (m)
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it moves down the strand.

on the surface. While the majority of the wideface surface gets tensile stress due to bulging in
between the rolls, the narrowface produces tension at the center, but the surface near the off-corner
gets compression due to bending about the rigid corner. The off-corner narrowface being already
hot, thin and weak due to too little taper in the mold, is vulnerable to the stress cycling below.
Under extreme circumstances this can generate cracks in this off-corner region and a possible
breakout below mold. It can also be seen from the figure that as the shell is pushed back near the

rollers the corner tends to rotate producing a very slight depression on the wideface. Since the
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wideface is uniformly thick and strong this corner rotation has no effect on the shape of the slab.
This corner rotation has important implications when shell thickness is not uniform which will be

discussed in the next section.

9.4 OFF-CORNER DEPRESSIONS

Longitudinal depressions, 2 to 5 mm deep, have been observed on the broad face of
conventionally cast 304 stainless steel steels at the off corner region as shown in Figure 1.4.
Similar off-corner depressions or "gutters" have been reported by Yamamoto et al.[16] and
Mahapatra et al.l'7in plain carbon steel. Plain carbon steels often show cracks underneath these

(171 It has been proposed that these

depressions at depths ranging from 16.0 to 20.0 mm
depressions are associated with bulging of the narrowface along with rotation of the corner inside
the mold or are caused by buckling of the thin and weak shell in the off-corner region resulting
from squeezing of the end plates against the narrowfaces(17> 18], By this mechanism of formation
of off-corner depressions, tensile strain is generated close to the solidification front in the solid
shell at the off-corner region of the broad faces, and the formation of subsurface cracks due to this
tensile strain below or at the base of the surface depressions can be explained.

Industrial experiences suggest that off-corner gutters are mostly formed at lower casting
speed and high superheat practices[lg]. Convex narrowface usually accompanies these gutters on
the wideface. However, concave narrowface sometimes accompany gutter, believed due to
excessive water spray just below the mold. Gutters are mostly found on the inside radius in
curved mold machines?%). At this point it is not clear how or where, the gutter is formed or what
measures influences it.

Based on these industrial experiences of gutter formation the model was run to simulate
some of the conditions that lead to the formation of gutters to understand the mechanism of
formation of these defects. The formation of these defects is often attributed to heat transfer in the
off-corner region . The possibilities of the abnormalities in heat transfer in the off-corner region

are numerous and include :
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i) Non-uniform mold powder distribution (due to meniscus solidification effects, mold
powder properties, surface turbulence, effects of flow pattern, non uniform mold
-wall thickness due to mold curvature etc.)
ii) Non-uniform air gaps (due to mold distortion and wear, Improper taper on the
wideface, Misaligned footroll(s) creating larger airgaps in oneside than the other)

iii) High or nonuniform superheat due to nozzle misalignment or higher casting speed.

In the present case non-uniformity in the flux distribution was chosen to reproduce this
abnormality. In one case the heat transfer in the off-corner region was enhanced by artificially
decreasing the mold powder layer thickness and in the other case the resistance to heat flow was
decreased by increasing the powder layer thickness. The resulting change in heat transfer had an
effect on the thickness of the shell in the off-corner region. Assuming such a condition prevailed
in the mold, which led to non-uniform shell thickness at mold exit, simulations were extended
below mold using the results at mold exit. The results are summan'zed‘in Table 9.2 in terms of the
size and location of the depressions. The significant depressions inside the mold were only
observed in the case with enhanced localized heat transfer near the off-corner region in the mold.
A similar mechanism of locally enhanced heat transfer in the mold has been suggested by Wolf for

the formation of transverse depressions in stainless steel slabs!21),

Wolf 1 has attributed the formation of transverse depressions in austenitic stainless steels
and plain carbon steels to local overcooling of the strand during initial solidification that is followed
by contraction due to 'plastic hinge effect' and rebending. According to Wolf the frequency of
these depressions can be reduced by ensuring a low heat flux near the meniscus, and suggested
that this can be achieved by operating at higher casting speeds, higher super heats and an optimum

slag and an optimum slag-film stability corresponding to minimum heat flux and friction(?1],

For slabs with a thin off corner region, depressions are not usually formed in the mold.
Significant depressions at this thin off corner regions start forming below the mold. Figure 9.6

shows the evolution of an off-corner surface depression as the slice travels between the rolls for
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the simulation with 25° superheat, 1.35 %/m narrowface taper in mold and 1.02 m/min casting
speed for stainless steel properties. The nodal displacement of the surface nodes at three different
locations are plotted as a function of distance through the strand in Figure 9.6. As seen in the
figure, the mid-wideface follows the bulged contour of Figure 3.9 imposed as the constraint. The
displacement of the off-corner node with respect to the corner node is increasing, implying a
depression being formed on the surface at that location of the slab. It can be noticed that the off-
corner displacement increases sharply just below each point of peak bulging between rolls. The
phenomena is repeated at the peak bulge in between the first and the second roll with further
increase in the size of the depression. This confirms that the depressions are formed below the
mold by the combined effect of pushing on the shell by the rollers and the rotation of the corner.
It is expected that the depressions would continue to grow below the second roll, but at a reduced
rate, as shell thickness increases and bulging will tend to decrease with decreasing shell surface

femperature.

From the various simulations carried out in this work, it has been observed that as long as
the heat transfer is adequate in the off-corner region and a uniform shell comes out of the mold, the
off-corner depressions are not usually formed. However, simulations with the same slice below
mold (Figure 9.5) has suggested that depressions are not formed at least within the first few rolls
when the wideface shell is uniformly thick. With further distance down the strand, shell thickens
and becomes even less likely to form gutters or alter surface shape. This led to the belief that the
depressions must be associated with non uniform cooling of the wideface leading to thinning of the

off corner region.
9.5 MECHANISM OF OFF-CORNER DEPRESSIONS

Based on the findings of the model simulations a mechanism of formation of the off-corner
depressions can be postulated. The depressions appear to be forming in two steps. First of all, it

seems that thinning of the off-corner wideface region of the slab in the mold is a critical step in the
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Figure 9.6 Evolution of off-corner gutters below the mold for conditions C with high taper in
Table 9.2.
formation of depressions in this region. This thinning might happen for a number of conditions

listed in section 9.4.

The second step is bulging of the shell below the mold. As the slab bulges outward below
the mold, both the center of the wideface and narrowface bends about the rigid corner. As the rolls
are approached the wideface gets pushed back beyond its original position because of negative
bulging, while the hot narrowface remains bulged out in absence of any support. Pushing of the
wideface by the rolls makes the rigid corner to rotate by a few degrees to accommodate some of the
strains due to bulging as shown in Figure 9.7. The weak off-corner region cannot withstand this
corner rotation and buckles producing a depression in the off-corner region. Evidence of

compressive stresses at the root of the depressions strengthens this buckling mechanism. Figure
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9.7 shows the section at different locations in the mold, and furnishes evidence in support of the
above mechanism. Based on this mechanism, gutters are formed primarily below the mold.
However, gutters were observed to form inside the mold when low narrowface taper allowed some
corner rotation..

Alternate mechanisms for depressions formation is buckling of thick shell in the off-corner
region. However it is difficult to understand how such localized high heat transfer conditions
could prevail in the mold in the presence of gap or depression. Further work is necessary to
identify if such heat transfer conditions could prevail through a better understanding of the flux

behavior in the gap.

9.6 EFFECT OF SPRAY COOLING

The simulation results presented above assumed uniform wideface cooling with no spray
cooling on the narrowface. Some mold designs allow cooling on the narrowface up to few roll
segments. To study the effect of spray cooling the heat transfer coefficients for the spray region
were increased by a factor of 2 than the normal cooling given by Eq. 3.15. Three different cases
were studied :

1) No Cooling on the narrowface and normal cooling on the wideface,

ii) Normal cooling on the narrowface and normal cooling on the wideface,

iii) Harder cooling (2 times normal) on the narrowface and normal cooling on the wideface,
iv) Harder cooling on both narrowface and the wideface.

Table 9.2 summarizes the results on the effect of spray cooling on the formation of off-
corner depressions. As evident from the table, cooling on the narrowface seems beneficial in
reducing the amount of depressions. With increasing cooling on the narrowface the amount of
surface depressions can be reduced. It is expected that even higher cooling extended further below
mold would further reduce off-corner depressions. They are expected to always persist, so long as

there is significant off-corner shell thinning at mold exit. However, the calculations show that

174



Table 9.2 Location and size of depression for different mechanisms

d

A4
L>&x |
1L12

Location of depression (11-12)

Size of Maximum depression (d)

and hard WF cooling

Mechanism of depression
Low Taper High Taper | Low Taper High Taper
(0.65%/m) (1.35%/m) (0.65%/m) (1.35%/m)
A. Case with uniform shell
a) In mold 5-15 mm 0.02 mm 0 mm
b) Below mold 5-96 mm 5-15 mm 0.25 mm 0.06 mm
B. Case with off-corner thick
shell
a) In mold 5-75 mm 5-80 mm 2.27 mm 4.08 mm
b) Below mold 5-80 mm 5-96 mm 2.37 mm 5.06 mm
C. Case with Off-corner thing
shell
a) In mold 5-70 mm 0.98 mm 0.0 mm
b) Below mold 5-109 mm 5-150 mm 3.83 mm 2.96 mm
Effect of Spray Cooling
Below Mold
Case C with normal NF#
cooling and normal WH 5-229 mm 3.40 mm
cooling
Case C with hard NF cooling 5-200 mm 2.90 mm
and normal WF cooling
Case C with hard NF cooling 5-200 mm 2.2 mm

* NF = Narrowface, WF = Wideface.
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depressions cannot be totally removed. Doubling the cooling on the narrowface reduces the

depressions by about 25 %.

9.7 CONCLUSION

The model described in this work was successfully extended below the mold by taking the
transverse slice of the slab through the rolls with an imposed bulged shape of the center of the
wideface. Model simulation suggest that cyclic thermo-mechanical loading of the slab below mold
can generate tension on the surface as well as in the interior of the shell. Bulging of the strand in
between rolls is responsible for off-corner depressions when the off-corner region of the shell
exiting the mold is relatively thin. A mechanism of the formation of these off-corner depressions is
proposed. Cooling on the narrowface is beneficial and high spray cooling on both the narrowface
and the wideface can reduce the off-corner depressions. Model results suggest that primary way to
prevent gutter is to achieve uniform, reasonably thick shell at mold exit, followed by uniform
sprays and proper roll alignment. Proper mold practice to keep uniform mold powder distribution
to prevent off-corner wideface shell thinning. This means that surface turbulence, flow
characteristics and powder properties are important. Also adequate taper should be provided to
prevent off-corner air gap formation. It seems that superheat and spray cooling is not as important

as the other factors contributing off-corner shell thinning.
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CHAPTER 10
APPLICATION TO CRACK FORMATION

Cracks in the slab form due to the combined effects of tensile stresses and metallurgical
embrittlement. At high temperatﬁres, steels have three distinct zones of reduced ductility as shown
in Figure 10.1. These are often referred to as high (30-70 °C below solidus), intermediate (800 °C
to 1200 °C) and low (600 °C to 900 °C) temperature low-ductility zones. At temperatures just
below solidus the ductility is reduced by microsegregation of S and P to the interdendritic liquid,
which lowers the local solidus temperature. Relatively small strains (1-2 %) can separate grains
surrounded by the low melting liquid, as a result cracks can propagate outward from the

solidification front between dendrites. This zone of reduced ductility produces what is called the
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Figure 10.1 Schematic representation of temperature zones of low hot ductility of steelll].
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"hot tears" and is responsible for most internal cracks in continuous casting. Other embrittlements
are caused by mechanisms such as segregation, precipitation of sulphides and nitrides along prior
austenite grain boundaries, dynamic recrystallization and coalescence of microvoids at grain
boundaries, which are difficult to model with macro-models such as the present one.

Therefore, using the model to understand the formation of various cracks requires a valid
fracture criterion to link the calculated mechanical behavior with the microstructural phenomena that
control crack initiation and propagation. This criterion can be developed independently to the
macro stress model, based on metallurgical understanding. However, extensive experimental
verification are needed to use such cracking criterion. Thus, stress models should be used in
conjunction with experiments to determine the fracture criteria empirically 21 In the next section a
general description of the various cracks in continuous slab casting and their mechanisms of

formation are provided.

10.1 HOT TEARS

A Possible mechanisms of hot tearing is outlined by Nederberg[3] which suggest that : hot
tearing is initiated at temperatures close to the solidus temperature by excessive relative
displacements of the grains surrounded by thin liquid films of segregated alloying elements. The
associated relative displacements takes place by sliding along the grain boundaries or simply
pulling them apart. Metal near the solidification front is very sensitive to strain and tensile stress,
depending on steel composition. In the past, several stress based [4-6) and critical strain based 7]

cracking criteria have been proposed.

First, the maximum normalized stress based on effective stress divided by the yield
strength of the alloy at the particular temperature in question has been used as a criterion for
cracking.[6’ 10] In the context of unified constitutive law, where no initial yield limit exists, the
calculation of such normalized stresses is dubious. Recently Fjaer“l] has used a hot tearing

criterion based on the ratio of the effective viscoplastic strain rate (€) to the cooling rate (T) to

180



identify casting conditions that lead to hot tearing by comparison of results with industrial

experience.

Criteria to predict cracks need a critical temperature range. For hot tearing, this may be
characterized better by a critical range of liquid fraction, f1, such as 0.01< f, <0.11121 6r 0.01< fL,
<0.2P°1. For other types of cracks the critical low ductility temperature range can be used in
conjunction with a mechanical fracture criteria. To supplement this, several different mechanical

criteria for cracking have been developed and used.

A critical stress criterion has been used in early stress models for steel, (e.g. 20 MPa for T
> 1340 °C)[5 » 131 byt was later judged to be insufficient!”> ?) Tensile stress still appears to be a
requirement for crack formation!®). The maximum tensile stress occurs just before formation of a
critical flaw!!*]. However, tension is usually unavoidable in the susceptible inner portion of the

shell, as discussed in the next section.

A critical strain criterion appears to have more potential for predicting hot tears! 1 Careful
strain measurements during bending of solidifying steel ingots with a liquid core have led to
estimates of the critical strain under continuous casting conditions!® 13! The critical values range
from 1.0 to 3.8%,[8’ 9,15, 16 \ith the lowest values found at high strain rate and in sensitive
grades (e.g. high S peritectic steel). For the same strain, low strain rates favor fewer, longer
cracks, relative to high strain rates, since more time is available for the cracks to grow[g’ Bl
aluminum rich Al-Cu alloys, critical strains were reported from 0.09% to 1.6% and were relatively
independent of strain ratel14 17,

The ductility of steel at elevated temperature has been studied extensively and reviewed!18:
191 Although this work has contributed to understanding cracking mechanisms and composition
effects, it is difficult to extract quantitative fracture criteria beyond the critical temperature ranges.

Yamanaka has deduced that strain damage leading to cracks can accumulate over successive

loading periods[gl. Thus, it appears to be important to model the entire mechanical history of the
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slab, rather than simply to search for a peak stress or strain. There is still much work to be done in

fracture criteria, despite significant progress in recent years.

10.2 TRANSVERSE CRACKS

Transverse cracks specially at oscillation marks are also believed to initiate in the mold,
because of the presence of mold powders in them. These cracks are believed to occur because of

(20] as well as contact and friction

grain coarsening due to reduced cooling rates at these places
between the mold and the weak shell in the upper region of the mold?!]. Transverse stresses
which forms at the root of excessively deep meniscus marks (caused by poor oscillation practice,
surface turbulence, meniscus freezing due to fluid arriving too cold etc.) open up later in the low
temperature ductility zones under the action of large tensile tresses. Thus a stress criterion seems
adequate in developing an understanding of these types of cracks. Model predicted transverse

stress history should be used to study the mechanism of formation of these cracks and their

possible locations.

The sources of tensile stresses in the continuous casting machine are numerous such as :
creep bulging due to ferrostatic pressure both in mold (for insufficient taper) and below,
unbending, roll misalignment and withdrawal forces, friction against oscillating mold, reheating
below mold etc.. Surface cracks originate from deviations from this classic behavior, which
produce tension at the surface. These deviations can arise from reheating of the surface, friction
with the mold walls, phase transformations, bulging between rolls and multidimensional effects.
Cracking of steel is very much composition dependent. Certain steel compositions, such as
peritectic grades, are susceptible to surface and subsurface cracks, leading to slivers and other
problems in the final product. The model presented in this work is an ideal tool to investigate this

type of problem.
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10.3 LONGITUDINAL CRACKS

Longitudinal cracks are observed along the mid-face and corner region of the slabs. These
cracks are believed to have generated due to tensile strains generated in the mold due to mold
disorders such as alignment, taper, oscillation, lubrication and in the upper spray zones due to
overcooling.[22] In slabs longitudinal cracks in the off-corner region are caused by bulging of the
narrowface in the mold due to poor support conditions (i.e. low taper). The role of mold
lubrication in the generation of this quality problem is significant. The model presented here can be

used to study the generation of the longitudinal stresses in the slab.

10.4 RESULTS AND DISCUSSION

The present model predictions of the stress distribution through a typical unconstrained
(i.e. frictionless) solidifying shell is illustrated in Figure 10.2. Note that to maintain force
equilibrium, the average stress (represented by the area under each curve) should always be zero.
The solidifying and shrinking shell generates a compressive stress on its cold outer surface and
tension in its hot inner surface. The interior tensile region contributes to sub-surface hot tears
when accompanied by metallurgical embrittlement. The nature of this moving stress distribution
suggests that these cracks can originate early in the mold and grow inward as the solidification
proceeds.

Figure 10.2 also shows how the effects of the 8—y transformation incorporated into the
model, are manifested as small, sharp tensile peaks in the stress distribution. The superimposed
temperatures through the shell show that this 5.5 MPa peak clearly corresponds to the 8-ferrite
region as dictated by the phase diagram. The sudden shrinkage from the 8 to y phase produces
these tensile peaks. This sub-surface peak is not seen in high carbon or stainless steels which do
not have this transformation as shown in Figure 10.3. It should be mentioned here the tensile

peaks were obtained using the constitutive equation of the 8-phase same as that of the y-phase.

Explicit methods are suitable for using the composite function in the mixed range. Wray 23]
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Figure 10.2 Comparison of transverse stress profile through the shell with and without the
constitutive law for the 8-phase at mold exit.

has measured the creep strength of the 3-phase as a function of strain-rate and temperature.
According to Wray, d-phase is about 4-9 times weaker than the y-phase depending on the strain

(231 ysed to describe the behavior in both & and O+y

rate. Next the equation proposed by Wray
phases were incorporated in the model. The results shown in Figure 10.3 compares the stress
distribution through the shell. It can be seen that the tensile peaks observed in Figure 10.2 were
greatly reduced by incorporating the constitutive equation of the d-phase. Since 8-phase is weaker

than the y-phasem]

, it is expected that strain will concentrate in this phase and the stress peak will
disappear. This lower tensile peak is unlikely to cause cracks in low carbon steels, which have
reasonable hot ductility. However, in steels where metallurgical embrittlement is a problem, such

as caused by microsegregation, this tensile stress may cause subsurface cracks.
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Similar stress distribution through the shell can also be obtained for austenitic stainless steel
as shown in Figure 10.3. Figure 10.3 compares the stresses through the shell at mold exit
between stainless steel and low-carbon steels. The stress magnitudes are of the same order, except
that the stainless steel does not have the sub-solidus tensile peak as does the low-carbon steel.
Thus the low-carbon steels should be more prone to internal cracks than the stainless steels. This
is in agreement with the practice. However, other stainless steel grades such as ferritic, which has
the 6~y transformation are prone to sub-surface cracks. The effects of transformation plasticity will
also affect this stress distribution. Moreover, steels have good ductility in the temperature range of
1200 °C and 1350 °C and as such stress alone should not be sufficient to cause cracks. This again
calls for a strain based fracture criterion for the hot tears and further work is necessary to quantify

the limit on the strain accumulation in the delta phase before cracks can form.
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Figure 10.3 Comparison of transverse and longitudinal stresses between stainless steel and
low-carbon steel.
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Comparison of different stresses in Figure 10.3 suggest that the stresses are mostly
longitudinal (0x) and transverse (Gz) in nature, the normal stress (Cy) being negligible. This
suggest cracks parallel to the slab surface are less likely and in practice the cracks are mostly
transverse and longitudinal in nature. The model presented here can be used to understand the
formation of both of these types of cracks through carefully analyzing the evolution of the o, for
longitudinal cracks and 67 , for transverse cracks.

It has been observed in the previous chapters that hot spots can generate on the slab surface
due to either in sufficient taper or non-uniform mold flux film. When the hot spots are formed on
the shell surface tensile stresses are generated in theses regions as the hotter regions are surrounded
by relatively colder region as shown in Figure 10.4. These local thermal gradients produce tensile
stresses on the shell. We have seen that when the shell cools uniformly the stresses are usually
compressive on the surface. However bulging below mold introduces tensile stresses and the

already existing tensile regions might be prone to cracking under the cyclic loading below the mold
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Figure 10.4 Variation of temperature and x-stress along the wideface surface at mold exit
with a hot spot.
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and could propagate a sub-surface crack from corner through to the surface. Tensile strength of
plain carbon steels have been reported in the range of 30 MPa at 800 °C and 10 MPa at 1400 °C.124]
Thus the off-corner region of the slab is more prone to cracking when hot spots exist in this
region. The thin shell formed in this region due to reduced heat transfer makes it more vulnerable
to large tensile stresses.

It has been established that the slabs are susceptible to cracks when the mechanical strains
due to unbending or roll misalignment exceeds a certain critical value (usually 0.1-0.2%). Large
surface tensile stresses are generated during slab bulging below the mold. Figure 10.5 shows the

stress distribution through the shell at two different locations below the mold. Near the first peak
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Figure 10.5 Stress through the shell below the mold (MWF) showing high surface tensile
stress in between rolls.

bulge, the large tensile stresses on the surface are produced by a combination of surface reheating

and bulging due to ferrostatic pressure. The interior goes into compression from its original state
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of tension at mold exit. As the rolls are approached the stresses are reversed again. This severe
mechanical cycling continues over a number of roll segments in addition to other mechanical effects
of bending, roll misalignment. In absence of a proper stress criterion, it is difficult conclude how
the shell will react to this load cycling. However, choice of proper spray cooling below the mold

to minimize the generation of any tensile stress should be beneficial.

The effective inelastic strain histories below the mold on the surface and the interior of the
shell at the off-corner wideface is shown in Figure 10.7. It can be seen that the plastic strains for
the surface nodes gradually decreases, while that for the interior nodes the plastic strain gradually
increases. Notice that the interior plastic strains are in tension and are considerably higher
compared to that at the surface. These values are relatively higher than the critical strains at which

cracks form. This further strengthens the theory of internal crack formation during bulging below

the mold.
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10.5 TRANSVERSE CORNER CRACKS

Steel slabs often exhibit transverse cracks at the corner. These cracks are often attributed to

(221 and also to friction with the mold due to excessive

large surface gradients in the spray zone
taper[m]. Figure 10.7 shows the evolution of the transverse stress at various location in the slab
for the simulations with stainless steel properties for the casting conditions of 25° superheat,
0.65%/m taper and 1.02m/min casting speed. The transverse slices through the slab taken at 3
different locations in the mold is show in Figure 10.7(a). As can be seen in the figure, the high
tensile transfer stresses mostly concentrate in the corner region. The stress history plotted in the
Figure 10.7(b) shows that, while most the surface has compressive stress in the mold, the corner
which starts with compressive stress (0z) reverses to tension some where halfway in the mold.
The temperature history plot in the same figure suggests that initially the corner cools much faster
than its surrounding region, generating tension. Further below the mold the corner temperature
stabilizes and brings the corner to compression again. It can also be seen from Figure 10.7(a) that
maximum tensile peak shifts from the corner at the mid-height to a slightly off corner region at
mold exit. The peak also shifts from surface in the upper region of the mold to an off-corner sub-
surface (about § mm from surface) region at mold exit. These results suggest that corner cracks
can form in the mold when the cooling rate in the corner region of the mold is very high. The
model results can thus be used to gain confidence in the qualitative understanding of various

defects in continuous slab casting.

10.6 CONCLUSIONS

The model has been used to predict the stress-state at various locations in the slab to help
understand the formation of various cracks. Models results suggest that the low-carbon steels are
more prone to internal cracks than austenitic stainless steel due to sub-surface tensile stresses
generated as a result of the d-g transformation . Bulging below mold enhances the chances of

such crack formation. The stresses in the steel are mostly transverse and longitudinal in nature and
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normal stresses are negligible. In absence of valid fracture criteria the model predictions are mostly
qualitative and can provide an understanding of the complex interaction of various thermo-

mechanical phenomena that govern the process.
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CHAPTER 11
SUMMARY AND FUTURE WORK

1. A two-dimensional stepwise-coupled transient thermo-mechanical finite-element model has
been developed to simulate the behavior of the solidifying steel shell in the mold region of a
continuous slab casting machine and below. The model can predict the coupled evolution of
temperature, shape, stress and strain distributions in the shell. The boundary conditions
incorporate the results of other models, specifically including the effects of non-uniform
superheat delivery to the solidifying shell due to turbulént fluid flow and the effects of thermal

distortion of the mold.

2. Internal consistency of the numerical procedures, including the elastic-viscoplastic algorithm
for incremental plasticity has been validated with several test problems with known solutions.

Furthermore, the model has been verified with measurements on a cast breakout shell.

3. A 3D thermal-elastic finite-element model has been developed of a continuous slab casting
mold and support structure using ABAQUS. The mold plates distort inward with maximum
distortion found near center of wide face. Mold distortions on the order of a millimeter have
been predicted and is sufficient to alter the effective taper of the narrow face, and may partially
compensate for non-linear shrinkage of shell. It could have a significant effect on heat transfer
and growth of the shell also, particularly in the corners where the largest gaps form. Increasing
heat input (from higher casting speed, more taper, changing mold flux, etc.) increases mold
temperatures and distortion. Stress calculations on the hotface suggest that residual distortion
may be possible in some low strength copper alloys and can be prevented through proper

material selection and design.

4. The non-uniform dissipation of superheat produces slower shell growth on the narrow face

than on the wide face.
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5. The model has been applied to understand the factors contributing to breakout formation due
to inadequate heat transfer and shell thinning on the narrow face which are :
a) inadequate narrow face taper, such as may occur from an accidental loss of taper or during
a widening width change.
b) excessive shell erosion of the off-corner region of the narrow face due to jet impingement

from a misaligned or a blocked bifurcated nozzle, higher superheat or higher casting speed.
¢) inadequate powder feeding at the meniscus, leading to larger average air gaps

6) The present model has confirmed that the shell shrinks more in the top of the mold than in the
bottom. Problems arise if the taper is either too large or too small. A continuous, ideal taper that
compensates for this is proposed. However, when variable casting speed, mold distortion, and
other uncertainties such as fluid flow and mold flux build-up are considered, at present, a well-
chosen linear taper appears reasonable for stainless steel grades, while for low carbon steels such

tapers are not optimum.

7. Model simulation suggest that cyclic thermo-mechanical loading of the slab below mold can
generate tension on the surface as well as in the interior of the shell. Bulging of the strand in
between rolls is responsible for off-corner depressions when the off-corner region of the shell
exiting the mold is relatively thin. Model results suggest that primary way to prevent gutter is
to achieve uniform, reasonably thick shell at mold exit, followed by uniform sprays and proper

roll alignment.

8. The 8-y transformation produces tensile stress peaks in the sub-surface region which might

contribute to sub-surface cracks. Models results suggest that the low-carbon steels are more
prone to internal cracks than austenitic stainless steel due to d—y transformation . Bulging below
mold enhances the chances of such crack formation.

9. This model is a powerful tool which can be applied to investigate the influence of process
parameters on the shell behavior and to understand the various problems which affect slab

casting.
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RECOMMENDATIONS FOR FUTURE WORK

Based on the findings of this present work, several recommendations can be made to
enhance the capability of the model especially in terms of quantitative predictions of crack
formation.

First of all an experimentally valid fracture criteia in the form of an evolving damage
parameter that can be embedded in the model to predict evolution of cracks in the slab. In
absence of any such fracture criteria stress models can only give a qualitative information about

the formation of various types defects mentioned in this work.

There is a need for the development of constitutive equation for the 8-phase to study the
effects of steel composition (especially the carbon content) and phase transformation on the
thermo-mechanical behavior of the steel. Perhaps, fitting the available experimental data
reported in the literature in to integrable differential equations could be the first step forward in
this direction. In order to correctly quantify the effects of phase transformation in the
constitutive equation, experimental validations are necessary through empirical data on cracks
from the steel companies and correlate these data with model calculations to understand origin of
defects. In addition, to completing material behavior during phase change detailed parametric
study is needed to examine the problems of defect (cracks, surface depression) formation in order
to recommend proper casting practices that can alleviate these problems.

To avoid generating unnecessary stresses in the liquid, the model currently forces the
elastic strains in the liquid to be zero. This can be avoided by using separate constitutive law for
the liquid that can reduces the stresses in the liquid to near zero by producing enough
viscoplastic strains.

Better understanding of heat transfer through the gap, how mold powder consumption

and distribution affects the thermomechanical behavior needs further investigation..
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APPENDIX A
CONSTANT-TEMPERATURE GRADIENT TRIANGLES FOR HEAT FLOW MODEL

For constant-gradient triangles the temperature variation across the element is defined by
a linear equation as given by
T =ag + aix + agy (A.1)
As the name suggests, this implies a constant temperature gradient or heat flux across the

element. The temperature at any point in the element is given as

3
T(x,y) = 2, Ni(x,y) Tj (A2)
i=1
The nodal temperatures are defined as
(T} ={T1 T2 T3)7 (A3)

The temperature gradient across the element can then be expressed as

dN; dN,  0Nj
g—z ox ox ox Ty
ar [T oNy N, ANy |12 (A4)
dy dy oy dy T3

The [B] matrix for this element can be written in terms of the nodal coordinates, as

[B] =TIK[ . } (A.5)
Ci ¢  Ck
where
b =xj - Xk
Ci = Yk- Yj (A.6)
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Finally, for these elements the conductance and capacitance matrices can be directly evaluated
using the following equations without using numerical integration. The terms in the conductance
matrix [K] are written as

Kij= [BTKD B dA = 52 (bib+ cic (A8)

A
where k(T) is the temperature dependent thermal conductivity and the terms in the capacitance
matrix [C] are written as

Gj= [NTemNda= & HD g, 5, (A9)
A

~ 12 4T
. . JH(T) . . .
where H(T) is the temperature dependent enthalpy function, the ST termis defined in Eq.

3.5 and Bij is the Kronecker delta function. A consistent formulation was used for the

capacitance matrix [C] as given by Eq. A.9. The thermal force vector {Q} was formed as :
(Q) = [NTqraL=9Hi (A.10)

where q" is the heat flux represented by Eq. 3.8 or 3.12 and Lj is the length of the boundary
between node 1,j. The material properties are evaluated at the centroid of the element where the

temperature is given

(A.11)

[FSTR

3
TC=ZTiNi=%(T1+T2+T3) N;=
i=1

199



APPENDIX B
LINEAR STRAIN TRIANGLES FOR STRESS MODEL

For the linear strain triangles the displacement function is quadratic across the element
and as such the strain in the element is a linear function of the spatial coordinates. Although the
linear displacement assumption is the most economical and performs very well for heat transfer
solidification problems, the more sophisticated “quadratic displacement” elements offer better

accuracy for solidification stress problems[”

. The matrices of these formulations are given
below in the notation of Figure A.2. The equations are based on plane strain formulation and the
modifications for generalized-plane-strain formulation are given in Appendix C.

Y

A

&N - Local Coordinate System

X.,Y - Global Coordinate System
X - Gauss Points
i,j..n - Element nodal points

Auy Auy - Incremental nodal displacements

> X

Figure B.1 Linear Strain Triangular element in local and global coordinate system.

The position {X}, in global coordinates of a point inside an element is given by

) ©

(e) 6 N. 0 X.
{x }=Z ‘ ‘ (B.1)

yo J &G o N® @

i i
where [N] is the matrix of shape functions in local coordinate system. The nodal displacements
can be written as
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6
u(xy) = 2, Nixy) uj (B.2)

i=1

Also, within the element the displacement in global coordinate is written as

(e) (e)

® 6 N. 0 X
[x ]= 21 | (B.3)

© = ® )

For isoparametric formulation a coordinate transformation is required. The Jacobian matrix for

the transformation is written as

G ©
ox  dy - N e 62 oN; @
ot o0& = o 1 F eg i
L1 = ox x | 6 IN® 6 IN® B4
% g N; L@ 2 N; y(e)
. 5 om = om i _
® © ©
aNi B aNi 3 . aNi am ©5)
ox ok ox on ox :
oN” N aN©
———'ay 3 W o a—y— (B.6)

where
[N®] =[ @&-DE @n-1m @I-Em-DA-E-n) 480 4(1-L-mn 4(1-&-mE ] BD)

The strain displacement relations for the plane-strain or plane stress are given by

6

€@= Y B9 ,© (B.8)
&0 i
1=

where the strain-displacement transformation matrix B?e) is given by Eq. B.9.
i yEq
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N
>
©)
[57]-| o agi (B9)
3x12 Y
N aN”
. dy ox -

For the force equilibrium within each element

f[BE"’] 6dQ = ZK o b J [3°]" D1 Z[B(e’ w” do  (B.10)
Q ;

12x3 3x3 3x12
Qfe)

where Kcij are the components of the element stiffness matrix [K] and [D] is the Elasticity

matrix given by

(1-v) v 0
mj=—2® | v dv 0 for Plane-strain ~ (B.11)
3x3 (1+V)(1—2V) (1-2V)
0 0
L 2

B 1 v 0 B}
[D] = —E—(% vl 0 for Plane-stress (B.12)
33 (1-v9) (1-v)

Finally the terms in the element stiffness matrix [Kg] are written as

ng
Ko-ij = )" TijEngMng) Wng * 0.5 (B.13)
i=1
where Tij(€,g,Mng) is given by
.. T
T§j(EngTing) = J[BE‘”] ] [B] de (B.14)

Q)
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and dQ =detJ d& dn .

Similarly the terms for the element force vector can be written as

(&Fer) = [ BIT (D] (ag,) a0 (B.15)
{AFep) = j [BIT [D] (4} 40 (B.16)
(Fp) =I [N]T {P}dI (B.17)
{Fel) =f [BIT [D] {&,} dQ (B.18)

where P = hpg is the internal ferro-static pressure acting at the solid/liquid interface. Components
of {Aer}, are calculated from the scalar values, Aer, in Eq. 3.23 by:

TLE(Tt+A0) - TLE(Ty)

TLE(Tg+Ap) - TLE(Ty)
{Aet} = 0 (B.19)

TLE(Tt+Av) - TLE(Tp)
Components of {Agp}, are calculated from the scalar values, Agp, in Eq. 27 using the Prandt] -

Reuss equations:

Ag
Ae =—-E(2<5x-o - Oz)
pX 26 y
Ae
Aep = _B (20)( - GZ - cx)
Y 2o
Ae
-_D .
At—:pZ = - (20; - Ox - Oy)
Ae
_37p
Aepxy =2, Txy (B.20)

and © is defined in Eq. 3.29. For 6-node isoparametric element as shown in Figure B.1, ng = 3,

§1=11=05;8=0.51m2=0.0; &3 =0.0 N3 =0.5 and W1 = W2 = W3 = 0.33333333333
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APPENDIX C
EQUATIONS FOR GENERALIZED PLANE STRAIN FORMULATION BY DIRECT
METHOD

Here the same shape functions are used for the in-plane displacements as in plane stress or plane
strain but different strain displacement relations are used. The components of the strain tensor

are expressed in Egs. 3.16-3.19. The strain-displacement relation can be written as

{Ae}
{ } = [B" {6} (C.1)

where {Ag} are the in plane strains given by Eq. 316-3.18

Aﬁx
(Ae} =1 Agy €2
Aﬁxy

and {Aez]} is the out-of-plane incremental strain. The unknown vector {8} consists of the in-

plane displacements and the unknowns in Eq. 3.22

{u}
(8y=q 2 (C€3)
c
The new strain-displacement relation can be written as

0O 0 O

[B] 0O 0 O
[B] = 3x12 (C4)

4x15 60 0 O

0 0 0 1 x 'y

where [B] is the strain displacement matrix for 2-D plane strain formulation as given by Eq. B.9.

Finally the stress strain relations can be written as
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{Ac} {Ae}
{ } = [D']{ } [D1 {Aer}) - [D]
- {Aoz) {Aez}

(C.5)

where the subscript p and T denotes plastic strain and thermal strains given by Eq. A.29 and A.30

respectively and [D'] is defined in Eq. 3.20.

Finally applying Galerkin formilation to the governing equilibrium equation and associated

boundary condition one can write the final form of the finite element equations as

[K's] {8} = {AFth) + {AFpl} + {Fgp} - {Fel}

15x15

Eq. A.15 can be written as

[Ko]
12x12
(K117
3x12

where [K] is the plane strain stiffness matrix given by Eq. B.13.

E(T
Ky =" | 8)

12x12

12x3
and K17 =K1
3x12 12x3
[K2] =
3x3
) = [Bir=
12x1
r
[G] = (l_v)_(_l_ﬂr__)_
3x1

(.

o

[N

O @ «

(1-v)E(T)

— g

(Aer) dQ + J[B]T {Ae dQ + [ [NIT (P} dr

M
Aepz} dQ + | My

(C.6)

(C.7)

(C.8)

(C9)

(C.10)

(C.11)

(C.12)



For the special case of generalized plane strain for which b=c=0 (i.e. no rotation of the plane in
the 2-d simulation) the element matrices [B'] and [K'], can be reduced to 4x13 and 13x13
respectively because the two-fold symmetry assumption does not allow any rotation or bending
of the section.

The structure of the stiffness matrix does not remain banded any longer and the overall
bandwidth becomes equal to the system size (number of total degrees of freedom). The last three
rows contain information for all nodal points, thus making the shai:c of the stiffness matrix as
shown in Figure C.1. Each element of the domain contributes to the last three lines of the
stiffness matrx. Thus the total number of equations solved is (ndf+3) where ndf is the total
number of degrees of freedom, which is equal to number of nodes times 2 (degrees of freedom

for each node). For the present case where b=c=0, the number of equations solved is (ndf+1).

v
J

I aan

- -

Figure C.1 Shape of the stiffness matrix for the generalized plane strain formulation.

206



APPENDIX D
ITERATIVE METHOD OF GENERALIZED PLANE STRAIN FORMULATION

In finite elements, the generalized plane strain calculations can be achieved in two
ways: They can be classified as (1) iterative methods and (2) direct methods. The formulation

for the direct method was described in APPENDIX C and iterative method is described below.

Iterative method:

In the Iterative method, the strain in the Z-direction is applied as a pseudo load
vector in a similar way as to how the plastic strain is treated. The stiffness matrix is formulated
as in the plane strain. The strain in the Z-direction are evaluated, such that the net force in the Z-
direction over the entire domain is zero , i.e. jAO’Z dA = 0. Iterations are performed until
convergence, i.e. until strains in Z-direction in successive iterations are close enough. The

computational scheme is outlined below.

B ettt ssae et eesbae st as e aeaes loop on time steps

n+1

n
0 = Agz

= Initialize A€,
Dttt seeseta s tbe s aaaes loop on iterations (from i=0 until convergence)

T
- (8Fezyfy = [ 81" D1 (ae)T av

= solve {Au}?_:ll by Choleski method

n+1
i+1

n+1

[K] {Au}i,] = {AFh)n*] + (AFpl)n+] + (AFgz)

= calculate total strain {A€} = [B] {Au}

= calculate total incemental stress AG = [D] ({A€} - {A€]) - {Agp1})
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E
jseO ~svp - %(Aex + Agy) dA

E(1-v) JA
J5

calculate Aezl?}:l =

convergence verification | AgZiTil - A&:Zin+l | < TOL

................................................ next time step
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APPENDIX E
FINITE ELEMENT EQUATIONS FOR MOLD DISTORTION ANALYSIS

The basic governing differential equations for the stress model are the mechanical
equilibrium equations:

[LIT {o} = {F) (E.)

which relate the total vector, {G) ={6x,6y,cz,txy,tyz,tzx}'r to total external forces, {F}={Fy, Fy,
F,}T, and the compatibility equations which relate total strain, {e}={ex.ty.62.Yxy Yy Yax ) T tO
total displacement, u={u, v, w}T:
{e} =[L] {u} (E.2)
dox 0 0

0 ddy O

where differential operators are contained in matrix, [L] = a/%y 8/%x 8682 (E.3)

0 0d/0z OJ/dy
do/oz 0  9/ox

Additional equations are needed to relate stresses and strains, called the “constitutive equations’”:

{o} =[D] (e}e (E.4)

where [D] contains the elastic constants, which depend only upon the material properties of

elastic modulus, E and Poisson’s ratio, v, for an isotropic material:

I-v v \Y 0 0 0
v 1-v v 0 0 0
_ E Y v 1l-v 0 0 0 (E.5)
1+v)(1-2v) 0 0 0 (1-2v)2 0 0
0 0 0 0 (1-2v)/2 0
. 0 0 0 0 0 (1-2v)/2

Equation (E.4) states that stresses are caused only by elastic strains. The total strain vector, {e},

is composed of elastic and thermal strain components:
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{e} = {e)e + (e} (E.6)

where (€]}, is the elastic strain {€}T is the thermal strain. The finite element form of the

governing equation (1) along with appropriate boundary conditions are expressed as

[Ksp] {u} = (F} (E.7)
where [K3p] = J [B3D]6T D [B3p]® dV is the stiffness matrix, {F} is the force vector and [B3ple

=[L] {N3p}, {N3p} being the shape function. The algebric equations in (7) are solved for the

displacements which are then used to calculate the strain and stress as per equation (2) and (4).
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APPENDIX F
CALCULATION OF BOLT PRE-STRESS

Each bolt is tightened with 110 ft.Ib (145 N.m) of torque which corresponds to 44 kN

axial force in each bolt. The area of each bolt A = 1t (19/2 mm)?2 = 283.5 mm? = .000284 m2
and length of each bolt L = 280mm or 0.28m.
Assuming Modulus for steel as E = 210 GPa, the stress in the bolts can be calculated as
AL F
s=E17=%
Stress = —£—= 44000/.000284 = 155.2 MPa

The elastic extension then can be calculated as

_FL _ . 44000 * 28
AL = 1000 .000284 * 210x109

=XE = (.21 mm

Thus, bolt prestress will reduce mold distortion by a measurable amount, but will not prevent it

entirely!
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APPENDIX G
CORRECTION TO SIMULATION TIME FOR DRAINAGE DURING A BREAKOUT

To compare the section of the model simulation with that of a breakout shell, a correction
for the position of the section is needed to account for the solidification time that occurred while
the liquid metal was draining during the breakout. Thus, the time in the simulation corresponds

to the distance down the breakout shell according to the relation:
Z
t=v.*1Yy (GD)
where:

t = time in the simulation (i.e. time below meniscus that corresponds to the breakout slice being

considered),
Z = position down the breakout shell of the slice considered (m)

V. = casting speed (m/s).
The "drainage time", t > Tepresents the time for the metal level to drop from the meniscus

(top of the breakout shell) to the distance down the breakout shell to the breakout slice of
interest, Z. It is calculated using the following equation,

- 2

C ntdp
D 4NW N 2

4 (G2)

where ;

Zy, = position of the breakout hole from the top of the shell (m),
Cp = drag coefficient = 1.0,

g = gravity = 9.81 m/s2,

dp = diameter of the breakout hole (m),

N = thickness of the slab (m),

W = width of the slab (m).
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The above equation was derived based on the relation in Gaskel!? corrected for a
rectangular slab. It is assumed here, that the metal flow to the mold is shut off simultaneously
with the metal level starting to drop below meniscus and that the hole growth is complete.

For the present example, 7, = 1524 mm (60"), Z = 228.6 mm (9"), N = 229 mm (9”), W

= 1016mm (40"), and V¢ = 0.0169m/s were used. Although the exact size of the hole was not

measured, its diameter was estimated to fall between 50 mm and 100 mm, which produces upper
and lower limits on t d of 3.8 s and 1.0 s respectively. A correction time of 1.5 sec was used,

although there is very little difference in results for these small times.
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APPENDIX H
Calculation of heat transfer coefficients for the rolis

The following calculations are taken from Hacgclcm based on the fraction of heat

extraction data from Hibbins.[4!

rolldist

< dist

roll

Convection
coefficient

2

—=>{ rolldist j&—

Total Length of zone
Number of rolls in zone

where dist =

rolldist = 2 & (Roll radius)(degr “3%5?“‘3“)

hrolt = Average heat transfer coeffiecient for rolls
hspray = Average heat transfer coeffiecient for sprays
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Performing a heat balance in one roll "cycle”,

hspray (dist - mlldist) + hro“ (rolldist) = have (dist)

A (spray part) B (roll par) C (total)

But we know from the percentages of heat removed by the rollers and by the

sprays from the literature [19]:

B = (fracroll) C
A = (1 - fracroll) C

C=A+B
where fracroll is the fraction of heat removed by the roller.
manipulating these equations, this yields:
A = (1 - fracroll)(A + B)
A - A(1 - fracroll) = B(1 - fracroll)
A(fracroll) = B(1 - fracroll)
fracroll
B = A(1 - fracroll)
Plugging in:
(hrot)(rolldist) = (hgpeay)(dist Hdist)(—racroll
rollXrofici - spray (Qist = TOldISU\ T F o roll

By

)

dist - rolldist fracroll
hroil = (hspray)( rolldist )(

1 - fracroll
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